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Preface

Offshore wind energy has experienced rapid growth in recent years, driven by its
abundant, clean, and renewable advantages. In China’s nearshore waters, deep soft
clay layers are widespread, characterized by high sensitivity, strong compressibility,
and low shear strength. Furthermore, China’s coastal regions lie within the circum-
Pacific seismic belt, making most nearshore waters prone to earthquakes. In such
demanding offshore environments, offshore wind turbines (OWTs) installed in soft
clays face prolonged environmental loads including wind, waves, currents, and occa-
sional seismic events over their typical 25-year design lifespan. The combination of
weak soil conditions and complex loading scenarios poses a considerable risk to the
safe operation of OWTs. Current guidelines for OWTs place significant emphasis
on the Service Life Limit State (SLS) requirements in foundation design. Stringent
displacement control criteria present substantial hurdles for designers, prompting
extensive research into the dynamic responses of offshore foundations under these
diverse conditions.

The authors and their research team systematically investigated dynamic anal-
ysis methods and response characteristics of various offshore wind turbine (OWT)
foundations, including single pile, multi-pile, single bucket, andmulti-bucket config-
urations, undermarine environmental loads. Nonlinear constitutive simulation of soil
was crucial for analyzing the dynamic behavior of these foundations. The authors
developed a simple bounding surface constitutive model of clays and proposed a
refined time-domain global analysis approach that integrates calculations of the
soft clay-foundation-wind turbine superstructure system. Furthermore, they devised
an elastic-plastic p-y model specifically for analyzing lateral dynamic responses
of monopile foundations is soft clays, simplifying calculations for monopile-based
wind turbines. This book systematically introduces dynamic analysis methods and
load-bearing characteristics of offshore wind turbine foundations in soft clay envi-
ronments, offering valuable insights and guidance for technicians and researchers in
marine geotechnical engineering.

This book is structured as follows: Chap. 1 provides an introduction to the research
background andmotivation.Chapter 2 details a simple single bounding surfacemodel
for the undrained cyclic behavior of saturated clays. Chapter 3 introduces a novel
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cyclic p-y elastoplastic model applied to laterally loaded piles in soft clays. Chapter 4
discusses the lateral cyclic responses of large-diameter monopiles for OWTs in soft
clays. Chapter 5 explores the seismic response of monopile-supported OWTs in
clays. Chapter 6 presents the dynamic analysis of tripod pile-supported OWTs in
clays. Chapter 7 discusses the seismic response analysis of single suction bucket
foundations for OWTs in clays. Chapter 8 introduces the lateral cyclic response of
tripod suction bucket foundations for OWTs in clays. Chapter 9 details the response
of tripod suction bucket foundations forOWTs to seismic and environmental loading.
Finally, Chap. 10 summarizes the main conclusions and outlines future work.

The authors gratefully acknowledge the financial support from the following
research projects: the National Natural Science Foundation of China (52378361
and 52108334), the Natural Science Foundation of Tianjin (20JCYBJC00570 and
22JCYBJC01360), the Chinese Postdoctoral Science Foundation (2019M650411),
and the scholarship from China Scholarship Council. The authors express gratitude
to Prof. Xiuli Du from the Beijing University of Technology and Prof. M. Hesham
El Naggar from the Western University in Canada for their valuable guidance and
insightful suggestions during the research. The authors also appreciate the contri-
butions of the postgraduate students in the research group, namely Wenlong Cheng,
Tianju Wang, Jiaqing Lu, Maolin Li, Ziwen Fang, and Mengmeng Liu.

Due to the authors’ limited knowledge, this book may contain a few minor
inconsistencies or errors. The authors welcome valuable suggestions from experts,
scholars, and other readers to enhance the book’s quality.

Tianjin, China
Beijing, China
Beijing, China
July 2024

Xinglei Cheng
Dechun Lu

Piguang Wang
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Chapter 1
Introduction

1.1 Background and Motivation

The ocean serves as a crucial foundation for human survival and sustainable social
development. Ocean resources, energy, and space development are integral compo-
nents of oceanic strategy. Offshore wind energy, with its vast developmental poten-
tial, has emerged as a pivotal player. In light of goals such as ‘Carbon peak and
carbon neutrality’, strategies like ‘Ocean power’, and initiatives such as the ‘Maritime
Silk Route’, offshore wind power stands poised to play a pivotal role in supplying
energy and facilitating China’s transition to green energy. China’s offshore wind
power industry has witnessed rapid growth in recent years. Between 2015 and 2022,
cumulative installed capacity surged from 1.62 to 32.5 million kW, with projections
suggesting it will surpass 60 GW by 2025. Presently, China leads the world in cumu-
lative offshore wind power capacity. This rapid industry expansion has heightened
demands for the safe operation of offshorewind turbines (Koh andNg2016). Founda-
tions constitute a critical component of wind turbine systems, accounting for approx-
imately 30% of total investment (Oh et al. 2018; Zhang and Wang 2022). Ensuring
the safe and cost-effective design of these foundations is essential to guaranteeing
the reliable operation of offshore wind turbines.

Foundations for offshore wind turbines are primarily categorized into two types:
fixed and floating. Among the currently operational turbines, the majority are
supported on fixed foundations, including gravity base, monopile, suction caisson,
tripod, and jacket foundations (refer to Fig. 1.1). Fixed foundations are typi-
cally installed in water depths less than 50 m (Bhattacharya 2014). The monopile
(Fig. 1.1b), a single large-diameter hollowpipe, is themostwidely adopted choice due
to its ease of installation, cost-effectiveness, and logistical advantages, accounting
for approximately 75% of all installed offshore wind turbines (Malhotra 2010; Wu
et al. 2019). Monopiles are commonly used in shallow water depths under 30 m.
For depths exceeding 30 m, monopiles can become excessively flexible, prompting

© The Author(s) 2025
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2 1 Introduction

consideration of alternatives such as guyed monopiles, or tripod and jacket struc-
tures for their economic viability (O’Kelly and Arshad 2016). Tripods (Fig. 1.1d)
consist of a large-diameter central steel tubular section supported by three braces,
while jacket structures (Fig. 1.1e) are lattice frames composed of small-diameter
steel struts. Both tripod and jacket foundations are typically anchored to the seabed
using suction buckets or piles, enabling axial transfer of loads from the offshore
wind turbine and its supporting structure to the seabed foundation. Looking ahead,
floating structures are anticipated to gain commercial traction, particularly for water
depths exceeding 50 m, although they are currently in the research and development
phase.

In many instances, offshore wind turbine foundations are constructed on sites
characterized by deep soft clay. The high sensitivity, strong compressibility, and
low shear strength of soft clay present significant challenges for these founda-
tions. China’s coastal regions lie within the circum-Pacific seismic belt, with many
nearshore areas prone to earthquakes. Wind turbine foundations installed in deep
soft seabeds are therefore exposed to long-term environmental loads such as wind,
waves, and currents, alongside the potential seismic risks throughout their typical 25-
year design life. These dynamic loads can induce considerable overturning moments
on the wind turbine foundation, leading to excessive rotational displacement. Such
displacements can impair the normal operation of the upper wind turbine structure

Fig. 1.1 Typical support structure and foundation options applicable at different water depths
(Malhotra 2010)
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and may even result in the system overturning (Watson 2000). In the current guide-
lines for OWTs, the requirements for the serviceability limit state (SLS) typically
dominate the whole design of foundations (Arany et al. 2015). For instance, spec-
ifications in the guidelines mandate a maximum permanent accumulated rotation
of 0.5° at the mudline for monopiles under SLS conditions (Det Norske Veritas
(DNV) 2013). Stringent requirements for displacement control present substantial
challenges for designers, prompting extensive research into the dynamic responses
of offshore foundations under these loads.

Currently, there is a notable deficiency in precise and efficient dynamic analysis
theories and methodologies tailored for wind turbine foundations situated in deep
soft soil areas. Additionally, research on their dynamic load-bearing characteristics
remains inadequate. In response to this gap, the authors of this book have under-
taken comprehensive and systematic investigations into the dynamic characteristics
of offshore wind turbine foundations within soft clay environments subjected to both
seismic and environmental loads. Their efforts have led to the development of perti-
nent analysis theories and computational methods, elucidating the dynamic response
patterns and failure mechanisms of these foundations. The outcomes of this research
are poised to provide critical technological support for the engineering design and
safety assessment of offshore wind turbine foundations.

1.2 Numerical Analysis Method for Dynamic Response
of Offshore Wind Turbine Foundation

1.2.1 Numerical Method Based on Advanced Soil
Constitutive Models

The foundation-soil dynamic interaction is crucial in the dynamic analysis of offshore
wind turbine systems, as it has a significant impact on the natural frequency and
dynamic response of the upper structure of the wind turbine. The time-domain
numerical analysis of foundation-soil interaction based on soil constitutive model
provides an effective approach for simulating the dynamic response of wind turbine
systems. For this method, the time-domain global numerical models are commonly
established using commercial finite element software such as ABAQUS, ANSYS,
and OPENSEES, and the soil domain is discretized using three-dimensional solid
elements (seeFig. 1.2). In these numericalmodels, the dynamic stress–strain response
of soil is simulated employing advanced constitutive models, while the foundation-
soil interface behavior is simulated employing the contact elements. The lateral
dynamic responses of the wind turbine foundations have been analyzed using this
method (Hong et al. 2017; Chen et al. 2020; Cao et al. 2020). In parallel, the authors
of this book have developed a simple single bounding surface constitutive model
within the framework of bounding surface plasticity theory (Cheng et al. 2020a, b).
This model can consider the stiffness degradation and the plastic strain accumulation
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of soft clay and has been applied to analyze the dynamic response of offshore wind
turbine foundations under lateral loads such as earthquake, wind, and waves (Cheng
et al. 2023). Furthermore, researchers have analyzed the axial dynamic responses of
monopile foundations for offshore wind turbine through finite element simulations
employing advanced soil constitutive models (D’Aguiar et al. 2011; Huang and Liu
2015). This numerical method based on advanced soil constitutive models can track
the stress–strain history of soil elements and effectively capture the dynamic failure
process of wind turbine foundations in soft clays.

In the time-domain finite element analysis of foundation-soil interaction, a signifi-
cant challenge lies in accurately simulating the complex nonlinear dynamic response
of soil. Currently, many researchers rely on commercial finite element software
models such as theMohr–Coulomb,Drucker-Prager, andmodifiedCam-claymodels.
However, these models, originally designed for static conditions, fail to capture the
nonlinear hysteresis response of soil under cyclic loading. The widely used equiva-
lent linear model, although it accounts for soil nonlinearity and hysteresis in seismic
response calculations, does not adequately describe the accumulation of soil plastic
deformation. Other advanced constitutive models found in literature, like the multi-
yield surface and two-yield surface models, often involve intricate kinematic hard-
ening rules and numerousmodel parameters, which limit their application in dynamic

Fig. 1.2 Three-dimensional
numerical model of
monopile offshore wind
turbine
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analyses featuring strong material and contact nonlinearities. Numerical methods for
foundation-soil interaction based on soil constitutive models offer a more compre-
hensive approach, addressing continuity, nonlinearity, special boundary conditions,
and foundation-soil interface behaviors. However, this approach demands substantial
computational resources, leading to low computational efficiency and hindering its
practical engineering application. For dynamic analyses of wind turbine foundations
in soft clays, there is a need to develop relatively simple and practical constitutive
models that capture the main dynamic characteristics of soft clays. Moreover, an
emphasis should be placed on developing high-precision and efficient time-domain
global finite element analysis methods tailored to these specific conditions.

1.2.2 Numerical Method Based on Empirical Soil Stiffness
Degradation Model

Numerous studies have demonstrated that soft clay exhibits stiffness degradation and
reduced strength when subjected to cyclic loading (Idriss et al. 1978; Anderson et al.
1980; Vucetic and Dobry 1988; Huang and Li 2010). The extent of this degradation
depends on factors such as the number of cycles, initial static stress level, cyclic
stressmagnitude, and several influencing variables including overconsolidation ratio,
principal stress orientation, strain rate, and vibration frequency (Yasuhara et al. 1992;
Hyodo et al. 1994; Zhou and Gong 2001; Li et al. 2011; Guo et al. 2013). Dynamic
soil tests reveal that under cyclic loading, soft clays experience gradual reduction
in shear modulus along the stress–strain hysteresis curve, coupled with increasing
cyclic deformation with successive cycles. Accumulation of plastic strain occurs
particularly under initial static deviatoric stress conditions.

Researchers have developed soil stiffness degradation models to depict how
soil modulus around foundations decreases progressively with increasing cyclic
loading cycles. Integrating these models with static constitutive relationships, three-
dimensional finite element models of pile-soil interaction have been established to
simulate bearing capacity degradation and calculate cumulative foundation displace-
ment. For instance, these models have been applied to assess the long-term perfor-
mance of offshore wind turbine monopiles under cyclic lateral loading, investigating
factors such as pile geometry, loading conditions, embedment length, and cycle
numbers (Achmus et al. 2009; Kuo et al. 2011; Depina et al. 2015; Ma et al. 2017;
Yang et al. 2018). This approach utilizes soil modulus degradation to reflect the
impacts of cyclic loading on soil strength and stiffness (see Fig. 1.3). While these
methods cannot capture the time history of cyclic deformation in monopiles, thus
limiting their ability to reveal the detailed mechanisms of pile-soil interaction during
cyclic loading, they offer higher computational efficiency compared to numerical
approaches based on advanced soil constitutivemodels. This advantage is particularly
evident in simulations of long-term cyclic loading scenarios.
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Fig. 1.3 Degradation of secant modulus under cyclic loading in the pile-soil model (Achmus et al.
2009)

1.2.3 Numerical Method Based on Soil p-y Curve Model

The analysis of pile-soil interaction holds significant importance in dynamic response
studies of offshore wind turbines supported by pile foundations. In numerous numer-
ical simulations focusing on these foundations’ dynamic response, the beam on
nonlinear Winkler foundation (BNWF) method is commonly employed (Zhao and
Maisser 2006; Zuo et al. 2018; Yan et al. 2021). In this method, the pile is modeled as
an elastic beam, while the soil is represented by discrete nonlinear springs distributed
along the pile (see Fig. 1.4). These springs include p-y springs (representing lateral
soil resistance-deflection relationships), t-z springs (accounting for mobilized axial
soil-pile adhesion-local pile deflection relationships), and Q-z springs (reflecting
mobilized end-bearing resistance-axial tip deflection relationships). Although the
BNWF method does not precisely simulate soil continuity due to its discrete
spring representation, it remains widely used for its conceptual simplicity and high
computational efficiency.

P-y springs are a prevalent tool for simulating the lateral response of pile foun-
dations. Matlock (1970) introduced a p-y model specifically for piles embedded in
soft clay, which was later incorporated into the API RP 2GEO (American Petroleum
Institute 2014) and has since gained widespread industry use. However, criticisms
of this model’s limitations have been extensively discussed in the literature. Studies
by Jeanjean (2009) and Zhu et al. (2017) have shown that the model tends to be
overly conservative, resulting in underestimated initial stiffness and ultimate soil
reaction. Furthermore, in cases involving cyclic loading, the API typically incor-
porates an empirical reduction factor to adjust the ultimate lateral soil resistance,
aiming to account for cyclic degradation effects. However, this reduction factor is
often considered too simplistic and fails to adequately capture factors such as the level
of cyclic loading, loading patterns, or loading history. To address the varying number
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Fig. 1.4 Numerical model of monopile offshore wind turbine based on BNWF method

of load cycles and their amplitudes, researchers have proposed cyclic degradation
factors aimed at refining traditional monotonous p-y models (Fan and Long 2005;
Dewaikar and Patil 2006; Zhu et al. 2017). However, these models remain empirical,
developed based on limited cyclic load tests, and do not fully capture the lateral cyclic
hysteretic responses of piles. An alternative approach involves analyzing the cyclic
lateral response of piles using cyclic p-y hysteresis curves within the framework of
the beam on nonlinear Winkler foundation (BNWF) method. These models incorpo-
rate specific components—such as springs, dashpots, drag cells, and gap cells—to
simulate key aspects of pile-soil interaction and capture dynamic hysteretic behavior
at the soil-pile interface (El Naggar and Novak 1996; Gerolymos and Gazetas 2005b;
Allotey and El Naggar 2008; Heidari et al. 2014; Liang et al. 2018). However, the
inclusion of numerous components can complicate model implementation.
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The t-z spring is widely employed to model the vertical response of pile founda-
tions. The API clay t-z model, originally proposed by Coyle and Reese (1966), is a
prominent example but is specifically designed for static axial loading and does not
accommodate axial cyclic loading. In response to this limitation, Chin and Poulos
(1991) developed a simplified t-z model capable of accounting for both the degrada-
tion of pile bearing capacity and the accumulation of displacement under axial cyclic
loads. This model offers an effective means to simulate the axial cyclic response of
piles. In recent years, researchers have further advanced pile-soil interface models
(Dias and Bezuijen 2018; Xu et al. 2019) aimed at capturing the axial cyclic behavior
of pile foundations.Thesemodels typically require the introductionof specificparam-
eters to account for changes in interface strength during the axial interaction between
piles and soil. However, some of these parameters may lack clear physical signif-
icance, making them challenging to calibrate through laboratory geotechnical tests
and thereby limiting the practical application of these models.

1.3 Dynamic Response of Offshore Wind Turbine
Foundation

1.3.1 Dynamic Response of Pile Foundation

(1) Monopile Foundation

Research on large-diameter monopile foundations, the most popular type, has been
extensive, primarily focusing on their long-term lateral cyclic responses under wind
and wave loads. These environmental loads, characterized by low frequencies, are
typically treated as quasi-static, neglecting their inertial effects. A variety of studies,
including field tests (Zhu et al. 2017; Xu et al. 2020), centrifugemodel tests (Jeanjean
2009; Zhang et al. 2011; Hong et al. 2017; Lai et al. 2020), and scaled model tests
(Liao et al. 2018), have investigated the lateral cyclic responses of monopiles in
clay. Additionally, three-dimensional (3D) finite element simulations incorporating
stiffness degradation models (Achmus et al. 2009; Kuo et al. 2011) and advanced
soil constitutive models (Bourgeois et al. 2010; Giannakos et al. 2012; Ma et al.
2017; Corciulo et al. 2017; Cheng et al. 2021; Ding et al. 2023) have been employed
to analyze the lateral cyclic responses of monopiles. Significant progress has been
achieved in understanding the load-bearing capacity and deformation characteristics
of large-diameter monopile foundations under horizontal cyclic loads. Insights have
been gained into factors affecting cumulative rotation angle, lateral deflection, and
bending moment, including cycle number, amplitude, frequency, and direction of
cyclic loading.

For offshore wind turbines (OWTs) situated in seismically active regions, seismic
loads are crucial considerations in their design (Kaynia 2019). Unlike wind and
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wave loads, seismic loads necessitate accounting for inertial effects due to their high-
frequency nature. Seismic centrifuge tests on monopile-supported OWTs (Yu et al.
2015; Wang et al. 2019; Li et al. 2021) have shown significant tilting during earth-
quakes, with amplified responses observed at the tower head. Similarly, findings from
3D numerical simulations (Vacareanu et al. 2019; Cheng et al. 2023) indicate that
seismic loading leads to rotational accumulation and settlement ofmonopiles. Several
studies have assessed the seismic vulnerability of monopile-supported OWTs using
nonlinear Winkler foundation models to simulate pile-soil interaction (Kim et al.
2014a;DeRisi et al. 2018).Mo et al. (2021) examined the influence of seismicmotion
direction on monopile seismic responses, while Kaynia (2021) studied the impact
of kinematic interaction on these responses. The dynamic responses of monopile-
supported OWTs under combined wind, wave, and earthquake actions have been
investigated. These studies have analyzed various responses such as displacement,
bendingmoment, acceleration, and other dynamic characteristics of theOWT system
(Zheng et al. 2015; Wang et al. 2018a; Yang et al. 2019; Zhang et al. 2021; Xi et al.
2022). Overall, these studies have provided comprehensive insights into the seismic
dynamic response characteristics of monopiles, encompassing their load-bearing
capacity, deformation, and the influence of pile-soil interaction on seismic responses
of OWT structures.

(2) Multi-pile Foundation

Different from the load resistance mechanism of monopile foundations, multi-pile
foundations counteract large overturning moments through axial resistance—specif-
ically, the axial push–pull forces exerted by individual piles—alongside horizontal
resistance (Lu et al. 2017). Studies have investigated the axial cyclic behavior of
multi-pile foundations through both model tests (Jardine and Standing 2012; Tsuha
et al. 2012) and numerical simulations (D’Aguiar et al. 2011; Huang and Liu 2015).
These inquiries have underscored the significant influence of pile shaft friction on
the axial dynamic response of the piles. Furthermore, research has delved into
the behavior of the pile-soil interface through interface shear tests, evaluating the
evolution mechanism of soil-pile interface strength (Liu et al. 2019; Zhou et al.
2020). Given that each pile within a multi-pile foundation experiences simultaneous
axial and horizontal loads, it is essential to thoroughly examine the overall dynamic
response of such foundations.

Research into the overall dynamic response of four-pile foundations for jacket
offshore wind turbines (OWTs) under horizontal cyclic loads has been explored
through centrifugal model tests (Kong et al. 2019) and numerical simulations (Wei
et al. 2013). Wang et al. (2020a) further investigated the evolution characteristics
of natural frequency and cumulative tilt of these foundations under long-term hori-
zontal cyclic loads. Abhinav and Saha (2018) investigated the response of a jacket-
supported 5-MWOWT under the hydrodynamic and aerodynamic loading by incor-
porating soil-structure interaction using a Winkler-spring model. Additionally, Ma
et al. (2018) examined the impact of scouring on the dynamic response of tripod pile
foundations using 3D finite element simulations. Asumadu et al. (2022) investigated
wave-induced oscillatory seabed response around tripod pile foundations of OWTs
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using an integrated 3D numerical model. However, relatively limited research exists
on the overall dynamic response of multi-pile foundations in soft clays, especially
concerning their seismic dynamic behavior.

1.3.2 Dynamic Response of Suction Bucket Foundation

(1) Monopod Bucket Foundation

The lateral cyclic behavior of monopod suction buckets has been extensively inves-
tigated through various approaches: (a) prototype and reduced-scale filed tests
(Houlsby et al. 2005b, 2006; Barari and Ibsen 2012; Zhang et al. 2015); (b) scaled
1-g laboratory tests (Wang et al. 2006; Zhu et al. 2013, 2018; Foglia and Ibsen
2016; Hung et al. 2018); (c) centrifugal model tests (Zhang et al. 2007; Cox et al.
2014; Wang et al. 2017a, b); and (d) numerical simulations (Kourkoulis et al. 2014;
Gelagoti et al. 2018; Cheng et al. 2016, 2018, 2020; Yi et al. 2021; Zhang et al.
2021). These studies have significantly enhanced our understanding of the lateral
cyclic behavior of monopod suction buckets, including the evolution of cumulative
rotation and unloading stiffness with cyclic load amplitude, frequency, direction, and
number of cycles. In recent years, research has also focused on new types of bucket
foundations, such as hybrid foundations combining a traditional monopile with a
wide-shallow bucket. Studies have demonstrated their advantages over traditional
bucket foundations (Chen et al. 2020; Li et al. 2021; Ma and Yang 2020; Wang et al.
2020b; Trojnar et al. 2021).

Most studies on the seismic response of suction bucket-supported OWTs have
primarily focused on the performance of monopod suction bucket foundations
installed in sandy soils. A significant emphasis has been placed on understanding the
pore pressure accumulation in sand, as well as assessing the impact of parameters
such as skirt length, bucket diameter, and dead weight on the seismic rotation and
settlement of monopod suction buckets (Yamazaki et al. 2003; Yu et al. 2014; Olalo
et al. 2016; Wang et al. 2017a; Zayed et al. 2019). These investigations have consis-
tently shown that increasing the diameter, skirt length, or deadweight of themonopod
suction bucket can enhance its resistance to seismic liquefaction, thereby effectively
reducing both its rotation and settlement under seismic loading conditions.

(2) Multi-bucket Foundation

The multi-bucket foundation enhances the overturning resistance of OWTs by
converting the system’s overturning moment into axial push–pull forces distributed
across individual buckets (Kim et al. 2014b; Zhang et al. 2016). Research has focused
on investigating the vertical pullout and compression behaviors of each bucket
element to understand the cyclic responses of multi-suction buckets under lateral
loading (Kelly et al. 2006; Lu et al. 2007; Jeong et al. 2019). Centrifugal model
studies have compared the horizontal cyclic behaviors of monopod suction bucket
and tripod suction bucket foundations installed in sands (Kim et al. 2014c; Wang
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et al. 2018b). Jeong et al. (2021) further explored the moment-rotation responses,
cyclic stiffness, and permanent displacements of tripod foundations in sands through
centrifuge model tests. These studies revealed that the cyclic behavior of tripod foun-
dations is influenced significantly by loading amplitude and direction. Initially, the
foundation’s rotation angle increases during cyclic loading, followed by a gradual
decrease, indicative of favorable ‘self-healing’ characteristics. In contrast to sandy
soil foundations, cohesive soil foundations are less susceptible to liquefactionbutmay
experience significant total settlement anduneven settlement under earthquake condi-
tions, potentially affecting OWT operation. Therefore, investigating the dynamic
behavior of multi-bucket foundations in cohesive soils under seismic and environ-
mental loading is crucial for ensuring their stability and performance in offshore
applications.

1.4 Objectives and Organization of This Book

This book introduces in detail the bounding surface constitutive model of soft clay,
and the cyclic p-y elastoplastic model applied to lateral loaded pile in soft clays.
This book also elaborates in detail on the refined time-domain global finite element
method for analyzing the dynamic response of offshore wind turbine foundations in
soft clays under wind, wave, current and earthquake loads. This book systematically
reveals the dynamic response laws and failure mechanisms of typical offshore wind
turbine foundations, including monopile, multi-pile, monopod bucket, and multi-
bucket, through large-scale numerical simulation calculations. This book aims to
demonstrate the dynamic response laws and corresponding analysis methods of
typical offshore wind turbine foundations in soft clays. The research findings in
the book can provide guidance for the design and disaster prevention of offshore
wind turbine foundations in soft clays. The book can be divided into ten chapters.

This book provides a comprehensive introduction to several key topics in OWT
foundation engineering. It details the bounding surface constitutive model for clays
and explores the cyclic p-y elastoplastic model used for analyzing lateral loaded
piles in soft clays. Additionally, the book presents a refined time-domain global
finite element method designed to analyze the dynamic response of OWT foun-
dations in soft clays under varying environmental loads including wind, waves,
currents, and earthquakes. Moreover, the book systematically uncovers the dynamic
response behaviors and failure mechanisms of various OWT foundation types such
as monopiles, multi-piles, monopod buckets, and multi-buckets through extensive
numerical simulations. Its primary objective is to elucidate the dynamic response
laws and associated analytical approaches pertinent to typical OWT foundations
situated in soft clays. The research findings presented herein are intended to offer
valuable insights for the design and disaster prevention strategies concerning OWT
foundations in soft clay environments. Structured into ten chapters, this book serves
as a comprehensive guide to understanding and addressing the challenges posed by
OWT foundations under complex marine dynamic loads.



12 1 Introduction

This chapter provides an introduction to the research background andmotivations,
offering a concise review of literature concerning dynamic response and numerical
analysis methods applicable to offshore wind turbine foundations.

Chapter 2 outlines the theoretical framework of a simplified single bounding
surface model designed to capture undrained cyclic behaviors in saturated clays. It
details the model’s performance and its numerical implementation method.

Chapter 3 introduces a novel cyclic p-y elastoplastic model tailored for analyzing
the lateral response of piles in soft clays. The chapter evaluates the model’s efficacy
in predicting cyclic lateral behaviors of installed piles.

Chapter 4 presents a three-dimensional finite element method for assessing the
lateral cyclic responses of large-diameter monopiles. It explores how different
loading patterns impact the lateral behavior of monopiles.

Chapter 5 introduces a numerical approach for simulating the dynamic interac-
tion of the soil-pile-structure system. This chapter specifically examines the seismic
dynamic responses ofmonopile offshorewind turbines situated in clay environments.

Chapter 6 discusses a numerical method focused on analyzing the dynamic
responses of tripod pile foundations installed in clay. It covers their behaviors under
lateral monotonic, cyclic, and seismic loading conditions.

Chapter 7 delves into a numerical method for studying the seismic responses
of single suction bucket foundations used in offshore wind turbines. It explores
the seismic bearing mechanisms of bucket foundations in clays and associated
influencing factors.

Chapter 8 presents a numerical method aimed at analyzing the lateral cyclic
responses of tripod suction bucket foundations for offshore wind turbines in clays.
It discusses the rotational mechanisms of tripod suction buckets under lateral
monotonic and cyclic loading scenarios.

Chapter 9 addresses a numerical method for evaluating the seismic responses of
tripod suction bucket foundations for offshore wind turbines within clay environ-
ments. It examines the dynamic behaviors of tripod foundations under seismic and
environmental loading conditions.

Chapter 10 concludes the book by summarizing the main findings and limitations
of themethodologies employed throughout. It outlines future directions for advancing
dynamic analysis in the realm of offshore wind turbine foundations.
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Chapter 2
A Simple Single Bounding Surface Model
of Undrained Saturated Clays

A simple single bounding surface constitutive model is developed to predict the
undrained behaviors of saturated clays under cyclic loads. The new model does not
involve complex kinematic hardening rules, and it is only required to memorize
important stress reverse events; therefore, the simplicity should be the largest advan-
tage of the model. A new interpolation function of an elastoplastic shear modulus is
proposed based on bounding surface theories. The evolution of a hardening modulus
is described in the deviatoric stress space by themovement and updating of amapping
center based on the new interpolation function, which enables the model to describe
the stress–strain hysteretic responses of clays under cyclic loading. The new model
can be regarded as an improvement of some classical one-dimensional soil dynamic
models and a generalization in three-dimensional stress space. Themodel parameters
can usually be determined by performing triaxial tests. The model performance has
been verified by a comparative analysis on clays subjected to one-way and two-way
cyclic loading at different stress levels. The developed model can capture the essen-
tial features of behaviors in saturated clay, including reverse plastic flow, evolution
of hysteretic loops, accumulation of plastic deformations, and soil stiffness degrada-
tion. The newly developed constitutive model has been successfully encoded into the
ABAQUS software package by the secondary development interface of UMAT. The
ability of the model to calculate boundary value problems, such as clay foundations
subjected to seismic loads, has been verified to some extent by simulating the seismic
responses of homogeneous horizontal sites.

2.1 Introduction

It is of great importance to capture the nonlinear behaviors of soils in site response
analysis and in soil-structure interaction problems. Thus, substantial effort has been
devoted to developing analytical techniques and numerical methods for evaluating
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the response of soil deposits to strong earthquake motions. The majority of prac-
tical methods used for describing nonlinear soil amplification are classified into two
categories: frequency domain equivalent linear and time-domain nonlinear methods.
Although equivalent linear types of analyses are the most popular, they have certain
well-known limitations under strong seismic shaking (Gerolymos andGazetas 2005).
Considering more desirable approaches, the key to time-domain nonlinear analysis
lies in the selection of soil constitutive models. Unfortunately, many of the commer-
cially available nonlinear models, such as the Mohr–Coulomb model and Duncan-
Chang model, are incapable of capturing complex nonlinear stress–strain behavior
under seismic loads. Therefore, it is essential to develop a relatively simple and
practical constitutive model that is suitable for geotechnical earthquake simulation.

It is observed in soil experiments that the soils show obvious nonlinear, hysteresis
properties and strain accumulation characteristics under cyclic loading. The classical
isotropic elastoplastic theory assumed that no plastic deformation occurs during the
unloading process, and thus, it cannot describe the nonlinear hysteretic characteristics
of stress–strain curves under cyclic loading. Mroz (1967) introduced the concept
of ‘field of workhardening modulus’ by generalizing the known rules of isotropic
and kinematic workhardening. Based on this concept, multi-surface models were
proposed by Mroz et al. (1978, 1981) and Prevost (1977, 1978), in which the stress–
strain behavior of clays was determined by calculating the translation and contraction
(or expansion) of each yield surface in the modulus field. Bounding surface plasticity
theory was proposed by Dafalias (1986), Dafalias and Herrmann (1986). The key of
the theory is to describe the evolution of the hardening modulus by the interpolation
function of a plastic modulus between the outer bounding surface and inner loading
surface, which significantly simplified the multi-surface models. The two-surface
models include a bounding surface and a loading surface and were developed by
Dafalias and Popov (1975), Krieg (1975), and Bardet (1986), based on bounding
surface theory. The single-surface model was developed by Dafalias and Popov
(1977), in which the elastic domain is reduced to a point within the bounding surface,
which is a further simplification of the two-surface models.

Thus far, more research has focused on effective stress-based constitutive models
to predict the cyclic behavior of clays based on bounding surface plasticity theory
(Tabbaa andWood1989;Liang andMa1992;Crouch andWolf 1994;Li andMeissner
2002;Yu et al. 2007;Huang et al. 2011;Kimoto et al. 2015;Yin et al. 2013; Seidalinov
and Taiebat 2014; Hong et al. 2014; Ni et al. 2015; Yao and Wang 2018; Yang et al.
2019; Cheng et al. 2020b). Such models describe the deformation and failure of soft
clays from the perspective of effective stress based on critical state theory. Themodels
often involve complex interpolation functions of plasticmodulus and hardening rules.
Too many model parameters are required, and the volume change constraints or the
consolidation equation must be introduced to conduct finite element analysis on the
undrained condition,whichmakes themodels difficult for numerical implementation.
Compared to the effective stress-based constitutive models, research about the total
stress-based constitutive models is less frequent (Prevost 1977; Borja and Amies
1994; Anastasopoulos et al. 2011; Huang and Liu 2014;Wang andYao 1996; Zhuang
et al. 2006; Cheng and Wang 2016). For the latter, the hardening modulus field is
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usually constructed in the deviatoric stress space, and then, the relationship between
the deviatoric stress increment and the deviatoric strain increment is built. Since the
total stress-based models involve only the hardening mechanism of plastic deviatoric
strain, the expressionof the hardeningmodulus is relatively simple and there are fewer
model parameters, and as a result, they are much easier to implement in 3D finite
element codes. However, phenomena such as pore-pressure buildup and dissipation
cannot possibly be captured.

It is assumed that the behaviors of saturated clay foundations occur with no
volume change under undrained conditions because of low permeability when they
are subjected to rapid seismic loads (Prevost 1977). For this case, from the perspec-
tive of total stress, the yielding of the clays is independent of normal stress and
depends only on deviatoric stress. The deviatoric deformation of undrained clays
can be calculated by using a total stress-based model during seismic loading. The
most important thing is the simplicity of the numerical implementation and the high
computing efficiency for the total stress-based model. The main objective of this
chapter is to develop a simple total stress-based single-surface model to predict the
undrained behavior of clays under cyclic loads (Cheng et al. 2020a). A new interpo-
lation function of elastoplastic shear modulus was developed based on the bounding
surface theories. The evolution of a hardening modulus is described in a deviatoric
stress space by the movement and updating of the mapping center to describe the
cyclic hysteretic stress–strain responses. The proposed model can be regarded as
an improvement of some classical one-dimensional soil dynamic models (Hardin
and Drnevich 1972; Pyke 1979) and their generalization in three-dimensional stress
space. Determining the methods for the model parameters is discussed in detail.
The model performance for predicting the cyclic behaviors of clays is verified. The
numerical implementation and applications of the model are introduced in detail in
the present work.

2.2 New Ideas on Elastoplastic Constitutive Theory
and Stress Update Algorithm

Developing a rational constitutive model is crucial for describing the nonlinear
mechanical behavior of soils. Constructing a plastic constitutivemodel entails critical
factors such as determining the magnitude and direction of plastic strain increments,
along with criteria for loading and unloading. The numerical implementation of
constitutive models forms the basis for conducting numerical simulations in marine
geotechnical engineering. The stress update algorithm is critical to the numerical
implementation of constitutive models, and it typically faces challenges such as
non-smoothness and nonlinearity. The authors of this book determine the plastic
flow direction using the fractional gradient of the yield function and propose the 3D
non-orthogonal flow rule suitable for geomaterials. Based on the idea of numerical
optimization and numerical differentiation method, the unconstrained stress update
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algorithms with strong convergence are developed. The author’s innovative work in
plastic constitutive modeling and stress update algorithms has provided new insights
for numerical analysis of dynamic responses in offshore wind turbine foundations in
clay, enhancing both computational efficiency and accuracy. A brief introduction to
the relevant research work is as follows.

2.2.1 Multi-physical and Non-orthogonal Geotechnical
Plasticity

The authors of this book propose a multi-physical and non-orthogonal plastic
modeling method to establish the incremental stress–strain-environment relation-
ship in unsteady environments (Lu et al. 2023a). When determining the magnitude
of plastic strain increment, the environmental factors are used as the constitutive vari-
ables to describe the plastic strain behavior in unsteady environments. When deter-
mining the direction of plastic strain increment, a non-orthogonal flow rule without
plastic potential function is proposed to obtain the non-orthogonal gradient of yield
function. In addition, a multi physics loading and unloading criterion is presented to
determine the loading and unloading states of materials under the combined action
of mechanical and environmental loads. Many non-orthogonal elastoplastic models
(Li et al. 2023; Lu et al. 2019a) of soil and concrete (Lu et al. 2019b, 2020; Zhou
et al. 2020) have been established based on this new modeling method, which will
provide strong support for the dynamic analysis of offshore wind turbine foundation
in soft clays.

Let’s start with the classical generalized Hooke’s law. The incremental stress–
strain relationship of materials can be expressed as

dσ = D:dεe, (2.1)

where dσ is the stress increment. dεp represents the elastic strain increment. D is
the elastic stiffness matrix. When the material undergoes plastic strain, the elastic
strain increment can be obtained by deducting the plastic part from the total strain
increment.

dσ = D:(dε − dεp
)
, (2.2)

where dε and dεp represent the total strain increment and irreversible plastic strain
increment. The plastic strain increment dεp can be expressed as the product of
magnitude and direction.

dεp = dφr, (2.3)
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where dφ is a nonnegative plastic multiplier, which can be determined by applying
consistency conditions to the yield function. r denotes the direction of plastic strain
increment, which represents the proportional relationship among the components of
plastic strain increment and can be determined by the plastic flow rule.

2.2.1.1 Magnitude of Plastic Strain Increment

In a broad sense, the yield function is the function of the stress and environmental
variables (e.g., temperature, saturation, time, strain rate, ionic concentration, etc.)
that can affect the plastic deformation process of materials.

f
[
σ,H

(
εp
)
,M(ψ)

] = 0, (2.4)

whereH indicates the hardening function that is generally a function of plastic strain.
ψ denotes one ormore environmental factors and is also constitutive variables similar
to stress or strain. The vector M represents the material parameters that depend on
the environmental variables.

df = ∂f

∂σ
:dσ + ∂f

∂H

∂H

∂εp
:dεp + ∂f

∂M
∂M
∂ψ

dψ = 0. (2.5)

Substituting Eqs. (2.2) and (2.3) into Eq. (2.5), we can obtain the expression of
plastic multiplier in unsteady environments

dφ =
∂f
∂σ

:D:dε + ∂f
∂ψ

dψ
∂f
∂σ

:D:r − ∂f
∂H

∂H
∂εp

:r , (2.6)

where ∂f
/

∂ψdψ indicates that an increase in environmental variables can also
produce plastic flow.

2.2.1.2 Direction of the Plastic Strain Increment

In the non-orthogonal plastic flow rule, the plastic flow direction is determined by
the non-orthogonal gradient of existing yield function with the aid of fractional
derivative. The non-orthogonal flow rule (Lu et al. 2019a, b) can be expressed as
follows:

r =
(

∂μ1 f

∂Sμ1
1

,
∂μ2 f

∂Sμ2
2

,
∂μ3 f

∂Sμ3
3

)
∂S
∂σ

, (2.7)

where μ1, μ2, and μ3 are the fractional orders. S = (S1, S2, S3) is a set of
coordinate bases consisted of stress invariants for constructing the yield function
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Fig. 2.1 Non-orthogonal flow rule: a global view; b local view

f . For example, the mean stress p, the generalized shear stress q, and the lode
angle θ . ∂μ1 f

/
∂Sμ1

1 , ∂μ2 f
/

∂Sμ2
2 , and ∂μ3 f

/
∂Sμ3

3 are the fractional derivatives
of yield function f with respect to stress invariants S1, S2, and S3, respectively.(
∂μ1 f

/
∂Sμ1

1 , ∂μ2 f
/

∂Sμ2
2 , ∂μ3 f

/
∂Sμ3

3

)
is the fractional gradient of yield surface in

S coordinate space, which is generally non-orthogonal to the yield surface. The
geometric interpretation of non-orthogonal flow rule is shown in Fig. 2.1a, b from
the local and global views.

In the case of μ1 = μ2 = μ3 = μ, Eq. (2.7) will degenerate into the following
form:

r = ∂μf

∂Sμ
1

∂S1
∂σ

+ ∂μf

∂Sμ
2

∂S2
∂σ

+ ∂μf

∂Sμ
3

∂S3
∂σ

. (2.8)

The fractional order μ is the model parameter, and its physical meaning depends
on the form of the yield function and the properties of the material. When μ equals
to 1, ∂μf

/
∂Sμ is orthogonal to the yield surface and the non-orthogonal flow rule

degenerates into the orthogonal flow rule.

2.2.1.3 Multi-physical Loading/Unloading Criterion

The loading–unloading criterion evaluates whether the plastic flow occurs in the
material according to the geometric relationship between the load vector and the yield
surface at the current state point. For the elastoplastic calculation of strain softening
materials, the load vector can be composed of strain increment and environmental
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variable increment. The stress–environmental variable coordinate space is used to
fully represent the geometric relationship between the load vector and the yield
surface, as shown in Fig. 2.2.

Here, F represents the yield function expressed by the strain and environmental
variable, i.e., F(ε, ψ,H ) = f (σ, ψ,H ). The changes in both the strain and the
environmental variable determine the loading–unloading states under the current
increment step. When the included angle between the load vector (dε, dψ) and the
yield surface’s external normal direction (∂F

/
∂ε, ∂f

/
∂ψ) is acute, the material is

in a loaded state. When the included angle is a right angle or obtuse angle, the mate-
rial is in neutral loading or unloaded state respectively. The multi-physical loading/
unloading criterion can be expressed by

(
∂F

∂σ
,
∂F

∂ψ

)
(dσ, dψ) =

⎧
⎪⎪⎪⎪⎪⎪⎨

⎪⎪⎪⎪⎪⎪⎩

∂F

∂σ
:dσ + ∂F

∂ψ
dψ > 0 Loading

∂F

∂σ
:dσ + ∂F

∂ψ
dψ = 0 Neutral loading

∂F

∂σ
:dσ + ∂F

∂ψ
dψ < 0 Unloading

. (2.9)

Generally, the yield function is more of a function of stress rather than strain.
The multi-physical loading/unloading criterion based on stress increment and
environmental variable increment can be obtained by using the chain rule for
Eq. (2.9).

Fig. 2.2 Loading–unloading
criterion under the
stress–environmental
variable coordinate space
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∂F

∂ε
:dε + ∂F

∂ψ
dψ =

⎧
⎪⎪⎪⎪⎪⎪⎪⎨

⎪⎪⎪⎪⎪⎪⎪⎩

∂f

∂σ
:D:dε + ∂f

∂ψ
dψ > 0 Loading

∂f

∂σ
:D:dε + ∂f

∂ψ
dψ = 0 Neutral loading

∂f

∂σ
:D:dε + ∂f

∂ψ
dψ < 0 Unloading

. (2.10)

2.2.1.4 Constitutive Equations

Combining Eqs. (2.2), (2.3), and (2.6) can obtain the incremental stress–strain–
environment constitutive relation during the plastic loading as follows:

dσ =
[

D − (D:r) ⊗ ∂f
∂σ

: De

∂f
∂σ

:D:r − ∂f
∂H

∂H
∂εp

:r

]

:dε − (D:r) ⊗ ∂f
∂ψ

∂f
∂σ

:D:r − ∂f
∂H

∂H
∂εp

:rdψ. (2.11)

Equation (2.11) can describe the mechanical response caused by environmental
changes. In particular, the incremental stress–strain–environment relationship degen-
erates into the incremental stress–strain relationshipwhen the environmental variable
is constant, i.e., dψ = 0.

dσ =
[

D − (D:r) ⊗ ∂f
∂σ

:De

∂f
∂σ

:D:r − ∂f
∂H

∂H
∂εp

:r

]

:dε. (2.12)

2.2.2 Unconstrained Stress Update Algorithm
for Elastoplastic Models

In this section, we will introduce some recently developed advanced stress updating
algorithms (Lu et al. 2023b; Su et al. 2023; Zhou et al. 2022a, b, 2023), which can
effectively improve the computational efficiency of dynamic analysis of offshore
wind turbine foundation in clays. For a classical rate-independent elastoplastic consti-
tutive model, the mathematical equations describing the stress–strain relationship
are generally defined by a set of ordinary differential equations with constraints as
follows:

⎧
⎪⎪⎪⎨

⎪⎪⎪⎩

dσ = D:dεe = D:(dε − dεp
)

dεp = dφr

dH = dφhp

dφ ≥ 0, f ≤ 0, dφf = 0

, (2.13)
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where the four parts of Eq. (2.13) are known as Hooke’s Law, flow rule, hardening
law, and the KKT conditions, respectively. hp denotes the gradient of plastic internal
variable, respectively. Note that the KKT conditions constrain the allowable state
variables, namely, dφ ≥ 0 and f (σ,H ) = 0 for loading, and dφ = 0 and f ≤ 0 for
unloading.

2.2.2.1 Unconstrained Stress Updating Strategy

Based on the backward Euler integration formula, Eq. (2.13) can be written as
follows:

⎧
⎪⎪⎪⎨

⎪⎪⎪⎩

σn+1 = σn + D:(�εn+1 − �ε
p
n+1

)

�ε
p
n+1 = �φn+1rn+1

�Hn+1 = �φn+1h
p
n+1

�φn+1 ≥ 0, fn+1 ≤ 0,�φn+1fn+1 = 0

, (2.14)

where � represents the increment with the finite size. The aim of the stress updating
algorithm is to solve Eq. (2.14) based on a given set of state variables (σn,Hn) at
step n and the strain increment �εn+1 to obtain the state variables (σn+1,Hn+1) at
step n + 1.

In classical return mapping stress update strategy (Simo and Hughes 2006), the
constitutive equations constrained by inequality constraints are solved by the elastic
prediction and plastic correction. First, the trial stress is computed by σtrial

n+1 = σn +
D:�εn+1. Then, the trial stress inside the yield surface (i.e., f

(
σtrial
n+1,Hn

) ≤ 0) is
accepted as the true stress at step n + 1, whereas the trial stress on the outside
of the yield surface (i.e., f

(
σtrial
n+1,Hn

)
> 0) is pulled back to the yield surface by

the plastic correction. The above judgment process makes elastoplastic calculations
cumbersome. In this book, we introduced an unconstrained stress updating strategy
without the need for loading/unloading judgments (Zhou et al. 2022a, b). The KKT
conditions are replaced equivalently by the smoothing function. Then, Eq. (2.14) is
transformed into the smooth version shown below:

⎧
⎪⎪⎪⎪⎨

⎪⎪⎪⎪⎩

σn+1 − σn − D:(�εn+1 − �ε
p
n+1

)

ε
p
n+1 − εpn − �φn+1rn+1 = 0

Hn+1 − Hn − �φn+1hn+1 = 0
√

(cd�φn+1)
2 + f 2n+1 + 2β − cd�φn+1 + fn+1 = 0

, (2.15)

where Eq. (2.15) is theFischer–Burmeister (FB) function. cd is a dimensional param-
eter. The parameter β controls the approximation degree of smooth function to
KKT conditions. Figure 2.3 shows the effect of β on the FB smoothing curve. The
smoothing function converges to the KKT conditions when β trends to 0.
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Fig. 2.3 Smoothing curves
with the different values of β

2.2.2.2 Line Search Method

The iteration procedure is likely to diverge for the large�εn+1 if the standard Newton
method is directly used to solve Eq. (2.15). In the field of numerical optimization, the
convergence of solutions to nonlinear equation systems can be improved through the
line search method or the trust region method (Zhou et al. 2022a). In some sense, the
search strategies for the two methods are dual to each other. The former optimizes
the step size with the given search direction, while the latter first choose the step size
(i.e., trust region radius) and then determines the search direction. The details of the
former method will be introduced below.

The iterative procedure of line search method is defined as follows:

{x}k+1
n+1 = {x}kn+1 + αk{d}kn+1, (2.16)

where the subscript ‘n+ 1’ will be omitted hereafter for the convenience of writing.
{d}k and αk represent the size and direction of the search step at the kth iteration,
respectively. The default value for αk is set to 1 in the Newton method.

In order to ensure the quadratic convergence speed, the Newton search direction
is used as follows:

{d}k = −[J]−1
k {f (x)}k , (2.17)

where [J] is the Jacobianmatrix, i.e., the derivatives of the nonlinear equations {f (x)}
with respect to independent variables {x}. αk is calculated by the following iterative
formula and acceptance criterion.



2.2 New Ideas on Elastoplastic Constitutive Theory and Stress Update … 29

⎧
⎪⎨

⎪⎩

Acceptαk
j and exit IFψ

(
αk
j

)
<
(
1 − 2ραk

j

)
ψ(0)

αk
j+1 = max

{
ςαk

j ,
ψ(0)

ψ(0)+ψ
(
αk
j

)

}
ELSE

, (2.18)

where αk
0 is set to 1. ρ = 10−4 and ς = 0.1 are recommended (Zhou et al. 2022b).

ψ
(
αk
j

)
is the merit function and is defined by

ψ
(
αk
j

)
= 1

2

{
f
(
xk + αk

j d
k
)}T{

f
(
xk + αk

j d
k
)}

. (2.19)

It is worth noting that since Eq. (2.19) only involves the operation of the scalar
function, the computational cost of optimizing step size is relatively small for the
line search method.

2.2.2.3 Numerical Differentiation Methods

In the implicit stress update algorithm, the determination of Jacobian matrix in
Eq. (2.17) requires a substantial number of 1st and 2nd derivatives. For simple
constitutive models, the derivative terms can be obtained by the manual differ-
entiation method (MAM) that is accurate and efficient. However, the MAM can
quickly become difficult, time-consuming, and error-prone as the constitutivemodels
increase in complexity. The numerical differentiation methods are increasingly
favored by researchers since such methods are easy to implement and not sensi-
tive to the complexity of the functions. Compared with other methods, the forward
difference method (FDM) and central difference method (CDM) were used earlier
by researchers for the derivative evaluation in stress update problems than other
ones. These two methods, however, suffer from truncation and subtractive cancela-
tion errors. Even worse, as the perturbation value decreases, the former decreases
while the latter increases. The complex step derivative approximation (CSDA) only
suffers from the truncation error due to the absence of subtraction operation in the 1st
differentiation formula. It is a pity that this advantage is lost when computing the 2nd
derivative using the CSDA. The hyperdual step derivative approximation (HDSDA)
almost achieves error-free differentiation (Fike 2013), without truncation or subtrac-
tive cancelation errors, so its calculation results are comparable to the MAM. Zhou
et al. (2023) proposed an implicit stress updating algorithm based on the HDSDA
for elastoplastic models, in which the numerical consistency tangent stiffness matrix
exhibits the same quadratic convergence speed as the analytical one, and the accu-
racy of the numerical derivative is independent of the magnitude of the perturbation
value.

Table 2.1 provides a summary of the differentiation formulas for the 1st and 2nd
derivatives in the four numerical differentiation methods. As an example, the 1st

and 2nd derivatives of f (x) = xex
/√

sin3 x + cos3 x at x = π
/
12 are calculated by
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using the above four numerical differentiation methods. Figure 2.4 shows the relative
numerical error under different perturbation values for the 1st and 2nd derivatives,
respectively. As the h begins to decrease, the numerical errors of FDM, CDM, and
CSDA decrease, and their decreasing rates are consistent with the orders of the
truncation error presented in Table 2.1. At this stage, the truncation error dominates
the overall numerical error. Further decreasing the perturbation value leads to an
increase in the numerical errors of CDM and FDM since the subtractive cancelation
error begins to dominate the overall numerical error. In the case of the 1st derivative,
the numerical error of CSDA approaches the machine accuracy when h < 10−8.
However, for the 2nd derivative, the numerical error of CSDA increases again as
the perturbation value decreases. This is due to the reintroduction of the subtraction
operation in the differentiation formula for the 2nd derivative in the CSDA, resulting
in the subtractive cancelation error. On the other hand, the HDSDA always maintains
the numerical errors of the 1st and 2nd derivatives near the machine accuracy. The
numerical error of the HDSDA is independent of the perturbation value h, as the
HDSDA does not suffer from truncation error or subtractive cancelation error.

Table 2.1 Differentiation formulas for different methods

Differentiation
methods

df
dx = (·) Truncation

error

d2f
dx2

= (·) Truncation
error

FDM f (x+h)−f (x)
h O(h) f (x+2h)−2f (x+h)+f (x)

h2
O(h)

CDM f (x+h)−f (x−h)
2h O

(
h2
) f (x+h)−2f (x)+f (x−h)

h2
O
(
h2
)

CSDA ��i
[
f
(
x+�ih

)]

h

O
(
h2
)

2
h2

[
f (x) − ��i

[
f
(
x +�ih

)]]
O
(
h2
)

HDSDA
�∈1 [f (x+h1∈1+h2∈2)]

h1
None

�∈1∈2 [f (x+h1∈1+h2∈2)]
h1h2

None

Fig. 2.4 Errors change with the perturbation value h: a 1st derivative; b 2nd derivative
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2.3 Single Bounding Surface Model

It has been observed in experiments that soil in general undergoes both elastic and
plastic deformations simultaneously upon shearing regardless of whether there is
loadingor unloading.Therefore, there is nopure elastic domain in soil.However, clas-
sical isotropic hardening bounding surface models regard the unloading process as
an elastic process, and thus, they cannot capture the hysteresis property of the stress–
strain curve. Hence, kinematic plastic hardening rules are introduced to capture the
hysteresis behaviors of soils, in which the yield surface is allowed to change in size
and translate in stress space. However, this introduction also makes the constitutive
model too complex to be used in numerical analysis. The present single bounding
surface model includes only one bounding surface without any loading surface or
yield surface. The model does not involve complex kinematic hardening rules, but
only memorizes important stress reverse events, which makes the model simple and
easy to implement numerically.

2.3.1 Bounding Surface Equation

The present model is based on assumptions that the elastic domain enclosed by the
bounding surface is reduced to a point and that plastic flow occurs immediately for
any stress increment within the bounding surface, which is inspired by the concept
of ‘vanishing elastic domain’ proposed by Dafalias and Popov (1977). The bounding
surface represents the ultimate strength of the soil element, which means that the
failure occurs when the stress point reaches the bounding surface. The bounding
surface equation is represented by the Drucker-Prager function:

F =
√
J 2 − αI1 − k = 0 (2.20)

where I1 and J 2 are the first stress invariant and the second deviatoric stress invariant
on the bounding surface, and it should be noted that the superposed bar indicates that
the variables are related to the bounding surface in the whole article; α and k are two
material constants, which can be determined by the following formula:

α = 2 sin ϕ√
3(3 − sin ϕ)

, k = 6c cosϕ√
3(3 − sin ϕ)

, (2.21)

where ϕ and c is the internal friction angle and the cohesion of clays, respectively.
The bounding surface is a conical surface in the principal stress space, as shown
in Fig. 2.5. The cross-section of the bounding surface by any deviatoric plane (I1
= constant) is circular. It should be acknowledged that better predictions can be
obtained by using those surfaces that can reflect the influence of intermediate prin-
cipal stress, such as Matsuoka-Nakai or Lade criterion, but it will also make the
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Fig. 2.5 Bounding surface
in principal stress space

1�

2�

3�

1 2 3� � �� �

model more complicated. Here, Drucker-Prager surface is adopted mainly because
of its simplicity, that is, it has the simplest circular shape in the π plane, although
ignoring the influence of intermediate principal stress. The model based on Drucker-
Prager surface is relatively simple and practical to describe the undrained responses
of clay foundations subjected to seismic loads despite its limitations.

If the soil element is in the simple shear stress state with a vertical stress, it satisfies
σ z 	= σ x = σ y, τ zy = τ xy = 0, and Eq. (2.20) can be simplified to

F = (σ z − σ x)
2 + 3τ 2

zx − [α(σ z + 2σ x) + k]2 = 0, (2.22)

where σ z, σ x and τ zx denote the vertical normal stress, lateral normal stress and shear
stress in the z-x plane, respectively.

If the soil element is in the simple shear stress state without vertical stress (pure
shear), it satisfies σ z = σ x = σ y = 0, τ zy = τ xy = 0. Equation (2.20) can be
simplified to

F = 3τ 2
zx − k2 = 0. (2.23)

If the soil element is in the triaxial stress state, σ z 	= σ x = σ y, and τ zx = τ zy =
τ xy = 0, the bounding surface in Eq. (2.20) can be further simplified to

F = (σ z − σ x)
2 − [α(σ z + 2σ x) + k]2 = 0. (2.24)

2.3.2 Hardening Modulus and Rules

A typical stress–strain curve obtained in cyclic triaxial tests is shown in Fig. 2.6a, in
which σz − σx is axial deviatoric stress and εz is axial strain. The bounding surface
represented by Eq. (2.22) is a circle of radius α(σ z + 2σ x) + k in σz − σx versus the
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√
3τzx stress plane, as shown in Fig. 2.6b, c. In the triaxial stress state, the shear stress

components τzx = 0, and hence, the stress point continues moving consistently along
the σz−σx-axis during the cyclic loading. In the present work, the radial mapping rule
proposed byDafalias (1986) is adopted, as is schematically shown in Fig. 2.6b, where
s0R, s

′
R and sR denote the initial loading point, stress reversal point, and current stress

point, respectively. Additionally, s0R is considered to be the mapping center, and sR
denotes the image stress point, which is the intersection point of the bounding surface
and a line that passes through the mapping center and the current stress point. In the
unloading path after the stress reversal, the stress reversal point s′R is considered
to be the mapping center, sk denotes the image stress point for unloading, and sk
denotes any point on the unloading stress path, as schematically shown in Fig. 2.6c.
The positions of each point in the stress–strain curve are shown in Fig. 2.6a. An
illustration of the bounding surface and mapping rule in multidimensional stress
space is shown in Fig. 2.7.

The maximum elastoplastic shear modulus of the stress–strain curve is obtained
at the beginning of the loading (the mapping center) and can be represented asHmax.
Failure occurs for the soil element when the stress point reaches the bounding surface

(a) Typical stress-strain curve for cyclic triaxial tests (b) Mapping rule for initial loading (c) 

Mapping rule for unloading (or reverse loading)
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Fig. 2.6 Illustration of the mapping rule for loading and unloading in triaxial stress states

Fig. 2.7 Illustration of the
bounding surface and
mapping rule in
multidimensional stress
space

o

1�

2� 3�

0�

� ijs

0

ijs

ijs
d ijs

=ij
ij

Fn
s
�
�
d ijs

0Bounding surface F �



34 2 A Simple Single Bounding Surface Model of Undrained Saturated Clays

(the image stress point). At this exact moment, the modulus should approach zero,
which is denoted as H = 0. The elastoplastic shear modulus gradually decreases
to a certain value from the maximum value when the stress point moves from the
initial loading point to the stress reversal point. It is assumed that the elastoplastic
shear modulus gets the maximum Hmax upon stress reversal. In the unloading path
after stress reversal, the elastoplastic shear modulus gradually again decreases to a
certain value at the next stress reversal point from the Hmax. Furthermore, for the
reloading and subsequent re-unloading stress paths, the stress reversal points where
the stress paths abruptly change direction are defined as the mapping center, which
means that the mapping center moves and updates constantly as the stress reverses.
The elastoplastic shear modulus reaches its maximum upon stress reversal during
cyclic loading.

There are two key problems: one problem is how to judge the stress reversal that
is the key to updating the mapping center, and the other problem is how to determine
the elastoplastic shear modulus of any stress point in the loading and unloading stress
path, although we know that the maximum and minimum value of the elastoplastic
shear modulus is Hmax and 0, respectively. The present model includes only one
outer bounding surface without any inner yield surface or loading surface. In the one-
dimensional stress space, the stress reversal is easily defined by the direction of the
stress rate, which is either positive or negative; therefore, the vanishing yield surface
does not cause any difficulty. In multidimensional stress space, classical plasticity
theory usually judges the stress reversal by the loading–unloading criteria established
in terms of a yield surface or a loading surface. In the present model without such
a surface, it is assumed that the stress path reverses when the dot product between
the deviatoric stress increment vector of the current stress point and the exterior
normal vector of the bounding surface at the image stress point is negative, which
implies that if Eq. (2.25) is satisfied, stress reversal occurs; the mapping center must
be updated at this case, and subsequently, the dot product will turn out to be positive
based on the new mapping center after the stress reversal.

∂F

∂sij
dsij < 0, (2.25)

where ∂F
/

∂sij is the exterior normal vector of the bounding surface at the image
stress point, as shown in Fig. 2.7. It is actually the direction of the plastic flow. Here,
dsij is the deviatoric stress increment vector of the current stress point. In this way,
the bounding surface can play the same role that the yield surface plays in classical
plasticity theory.

Anew interpolation function represented asEq. (2.26)was developed to determine
the elastoplastic shear modulus H of the current stress point in the loading and
unloading stress path.

H =
(

δ

δ0

)μ

Hmaxe
−ξ

∫ |dεpd |. (2.26)
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In Eq. (2.26), δ denotes the distance between the current stress point and the image
stress point, and δ0 denotes the distance between the mapping center and the image
stress point, as shown in Fig. 2.7. Hmax represents the maximal elastoplastic shear
modulus; μ is a parameter that reflects the shape of the stress–strain curve of the
initial loading; e is natural constant; dεpd is the incremental equivalent plastic shear
strain, which is represented as

dεpd =
√
2

3
depijde

p
ij =

√
2

9

[(
dεp1 − dεp2

)2 + (
dεp2 − dεp3

)2 + (
dεp3 − dεp1

)2]
. (2.27)

∫ ∣∣dεpd
∣∣ is the cumulative equivalent plastic shear strain during cyclic loading. It is an

internal variable that is always a positive value andmonotonically increaseswith time,
which reflects the constant degradation of the soil stiffness with the accumulation of
plastic shear strain. ξ is a coefficient that controls the cumulative rate of equivalent
plastic strain. Here, epij = ε

p
ij − 1

3δijε
p
kk , where e

p
ij is the plastic deviatoric strain tensor

component, and ε
p
ij is the plastic strain tensor component (i, j = 1, 2, 3).

2.3.3 Model Simplification and Interpretation

It is worthwhile to note that the current model can be simplified into certain classical
one-dimensional dynamic constitutive models, especially the interpolation func-
tion shown in Eq. (2.26), which is closely related to the establishment of a one-
dimensionalmodel. For example, Hardin andDrnevich (1972) proposed a hyperbolic
dynamic stress–strain backbone curve of soils, which is represented as

τ = Gγ

1 + γ

γf

, (2.28)

where G is the elastic shear modulus. Here, γf is the reference shear strain, τ is
the shear stress. γ is the shear strain. Additionally, δ0 and δ in Eq. (2.26) equal
τf (maximum shear stress) and τf − τ , respectively, as shown in the initial loading
backbone curve in Fig. 2.8. The tangent shear modulus of the hyperbolic backbone
curve can be determined based on Eq. (2.28), which is represented as

Gt = ∂τ

∂γ
= G
(
1 + τ

Gγf −τ

)2 = G
(
1 + τ

τf −τ

)2 = G
(
1 + δ0−δ

δ

)2 =
(

δ

δ0

)2

G. (2.29)

It is easy to construct the stress–strain relationship for unloading and reloading by
using the massing criterion for constant amplitude periodic cyclic loads. However,
the numerical implementation of the massing criterion is more complex for vari-
able amplitude loads such as seismic loads. Thus, Pyke (1979) used the following
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Fig. 2.8 Hardin curve and its Pyke’s revision

Eq. (2.30) to construct the subsequent stress–strain curves under variable amplitude
stress:

τ − τa = G(γ − γa)

1 + γ−γa
nγf

, (2.30)

where τa and γa are the shear stress and strain at reversal stress point B, and n =
1−τa

/(
Gγf

)
. Additionally, δ0 and δ in Eq. (2.26) are equal to

∣∣τf − τa
∣∣ and

∣∣τf − τ
∣∣,

respectively (| | is the symbol for the absolute value, and τf is a negative number during
unloading), as shown in the unloading curve in Fig. 2.8. The tangent modulus of the
stress–strain curve can be determined based on Eq. (2.30), which is represented as

Gt = ∂τ

∂γ
= G
(
1 + τ−τa

nGγf −(τ−τa)

)2 = G
(
1 + τ−τa

τf −τ

)2 = G
(
1 + δ0−δ

δ

)2 =
(

δ

δ0

)2

G.

(2.31)

If ξ = 0 and μ = 2, Eq. (2.26) is simplified to the following formula:

H =
(

δ

δ0

)2

Hmax. (2.32)
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Fig. 2.9 Comparison of stress–strain curves with and without cyclic degradation

It is considered that the expression of the tangent modulus for the initial loading,
subsequent unloading and reloading curves in Eqs. (2.29) and (2.31) have the same
form as the interpolation function represented as Eq. (2.32).Hmax = G for the hyper-
bolic stress–strain curve of τ versus γ . Therefore, the hyperbolic one-dimensional
constitutivemodel is actually a special simplification of the present three-dimensional
single bounding surface model when ξ = 0 and μ = 2.

If ξ = 0 in Eq. (2.26), the evolution law of elastoplastic shear modulus H is
consistent between the unloading and reloadingpaths for symmetrical two-way cyclic
loading, and therefore, the stress–strain hysteresis curve is completely closedwithout
further degradation as the cycle number increases, which is shown in Fig. 2.9a.
However, many studies have shown that the soils have significant cyclic degradation
characteristics under two-way cyclic loading (Hyodo et al. 1994; Andersen et al.
1980; Vucetic and Dobry 1988). Therefore, e−ξ

∫ |εpd | is introduced into the interpo-
lation function represented as Eq. (2.26), and its value decreases constantly with the
accumulation of equivalent plastic shear strain during cyclic loading, which makes
the modulus of reloading smaller than that of unloading, and the modulus of the
second unloading smaller than that of reloading. In this way, the cyclic degradation
of soils can be described, as shown in Fig. 2.9b.

2.3.4 Incremental Elastoplastic Constitutive Relations

The strain increment includes two parts of the elastic and plastic strain increment.
The elastic strain increment is obtained according to the generalized Hooke’s law,
and the plastic strain increment is obtained according to the hardening rule, the
flow rule, and the bounding surface equation. It is assumed that saturated clays have
no volume change under undrained conditions because of low permeability when
they are subjected to rapid seismic loads. For this case, from the perspective of
total stress, the yielding of clays is independent of normal stress and only depends
on deviatoric stress (Prevost 1977). Hence, it is assumed that the plastic deviatoric
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strain increment is caused only by the change in deviatoric stress. In addition, the
total volume strain increment of clays under undrained condition is 0, which means
that the sum of the elastic and plastic volume strain increment is 0. According to the
generalized Hooke’s law, the elastic volume strain increment can be determined by
dεekk = dσkk

/
(3K), where dσkk is volume stress increment, and K is Bulk modulus

satisfyingK = 2G(1 + ν)
/

(3(1 − 2ν)). As a special case, Poisson’s ratio ν is nearly
equal to 0.5 under undrained condition. Hence, the corresponding K is an extremely
large value, which causes the elastic volume strain increment to be almost zero at a
certain volume stress increment, and then the plastic volume strain increment is also
close to 0. Therefore, the expression of plastic volume strain increment is not given
in this study. The calculation of deviatoric deformation of undrained clays is mainly
introduced in the following.

The associative flow rule is used in the present model. According to the radial
mapping rules proposed by Dafalias (1986), the direction of the plastic strain incre-
ment at the current stress points (the direction of plastic flow) is assumed to be
consistent with the normal direction of the bounding surface at the image stress
points, as shown in Fig. 2.7. Hence, the plastic deviatoric strain increment is written
as

depij = 〈L〉nij, L = 1

H ′ nkldskl, (2.33)

where depij is the plastic deviatoric strain increment; L is the loading index, and the
Macauley bracket≺ � is defined as follows: 〈L〉 = L if L > 0; otherwise, 〈L〉= 0. The
Macauley bracket ensures that non-positive values of the loading index L lead to depij= 0. It should be noted that if L < 0, reverse loading occurs; the mapping center must
be updated in this case, and subsequently, L > 0 based on the new mapping center
after the stress reversal, which means that the reverse plastic flow can be captured.
H ′ is the plastic shear modulus; dskl is the deviatoric stress increment at the current
stress point; and nij and nkl are the exterior normal unit vectors of the bounding
surface at the image stress point, which can be obtained as follows:

nij = ∂F

∂sij

/√
∂F

∂skl

∂F

∂skl
=
√
3

2

sij
αI 1 + k

. (2.34)

After substituting Eq. (2.34) into Eq. (2.33), we obtain Eq. (2.35):

depij = 3

2H ′
sij

(αI1 + k)2
skldskl . (2.35)

According to the generalized Hooke’s law, the elastic strain increment is obtained:

deeij = dsij
2G

, (2.36)
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where deeij is the elastic deviatoric strain increment, andG is the elastic shearmodulus.
The deviatoric strain increment is obtained from Eqs. (2.35) and (2.36):

deij = 1

2G
dsij + 3

2H ′
sij

(αI1 + k)2
skldskl, (2.37)

where deij is the deviatoric strain increment.
For the undrained simple shear tests without vertical stress (pure shear), the shear

strain increment is obtained as follows by simplifying Eq. (2.37):

dεzx =
(

1

2G
+ 1

H ′

)
dτzx = 1

H
dτzx, (2.38)

where dεzx is the shear strain increment, and dτzx is the shear stress increment.
For the undrained triaxial tests, the vertical strain increment is obtained using

Eq. (2.39) by simplifying Eq. (2.37):

dεz = 2

3

(
1

2G
+ 1

H ′

)
d(σz − σx) = 2

3H
d(σz − σx), (2.39)

where dεz is the vertical strain increment, σz is the vertical stress, and σx is the lateral
stress.

In Eqs. (2.38) and (2.39), H is the elastoplastic shear modulus, and it obeys the
following relation:

1

H
= 1

2G
+ 1

H ′ . (2.40)

At the beginning of loading, δ = δ0, and
∫ ∣∣dεpd

∣∣ = 0 in Eq. (2.36), and then,
H = Hmax = 2G. Hence, in this case, the plastic modulusH ′ is infinite, and only the
elastic strain is produced. When the stress point reaches the bounding surface during
loading, δ = 0, and then, H = H ′ = 0, which indicates that the plastic strain can be
developed infinitely; as a result, failure occurs for the soil element. We can obtain
the plastic modulus H ′ based on Eq. (2.40):

H ′ = 2GH

2G − H
. (2.41)

It is considered that the formula is valid in general three-dimensional stress
states. H can be determined by Eq. (2.26), and then, H ′ can be determined by
Eq. (2.41). Therefore, deij can be determined by Eq. (2.37). Note that the equa-
tions are presented in forms that are most suitable for finite element analysis and can
easily be implemented in a general finite element program.
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2.4 Model Parameters

The proposed model requires five parameters: the internal friction angle ϕ, cohesion
c, elastic shear modulus G, and parameters μ and ξ . The roles of these parameters
and the possible methods for determining their values are discussed in the following
sections.

The parameters ϕ and c are the shear strength indices of the soils, which are used
to determine α and k in the bounding surface function according to Eq. (2.21). These
two parameters can be determined by performing conventional triaxial tests or direct
shear tests.

The elastic shear modulus G represents the initial stiffness of the soils. Cyclic
triaxial tests (or cyclic simple shear tests) are performed (for a quarter cycle in
sinusoidal period loads) to obtain the stress–strain curve of the initial loading. The
stress–strain curve of the initial loading can be fitted using the hyperbola curve
represented as Eq. (2.42) (or Eq. (2.28) for cyclic simple shear tests).

σd = Eεd

1 + εd
εf

, (2.42)

where E is the elastic compression modulus, σd is the axial (vertical) cyclic stress, εd
is the axial (vertical) cyclic strain, and εf is the reference axial strain. Then, the elastic
shear modulus G can be determined by G = 0.5E

/
(1 + ν), where Poisson’s ratio

ν is 0.5 under an undrained condition, and thus, G = E
/
3. G can also be directly

determined byEq. (2.28) for cyclic simple shear tests. Tomake the constitutivemodel
convenient for engineering applications, G can be determined by the experienced
formula G = aσ b

c , where G is related closely to the initial consolidation confining
pressure σc, and a, b are two experienced coefficients that reflect the stiffness of the
soils. In addition, G can also be determined by testing the shear wave velocity of the
soil layers based on the formula G = ρv2s , where ρ is the density of the soils, and vs
is the shear wave velocity of the soils.

Parameter μ captures the shape of the stress–strain curves for the initial loading.
It can be determined by the trail-and-error method after obtaining the values of ϕ, c,
andG. We can first assume that μ is equal to 2 (the stress–strain curve is a hyperbola
curve in this case), and we compare the test data with the calculation results for the
stress–strain curves of the initial loading based on Eq. (2.39). If they are inconsistent,
then μ must be adjusted to repeat the above process until the calculation results are
relatively consistent with the experimental results. Figure 2.10 shows the comparison
between the test results and the calculations for the stress–strain curves of the initial
loading with different values for μ. It can be seen from the figure that the decrease in
the modulus becomes slower with the increases in μ, and hence, the increase in the
strain becomes faster. Here, μ is usually between 0 and 5. It is relatively appropriate
to set μ to 1.5 to predict the test data in the figure. It should be noted that the test
data are from test results on Newfield clay (Sangrey et al. 1969), and the value of μ

will be used to predict the related cyclic test results in the next section.
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Fig. 2.10 Predicted stress–strain curves for initial loading with different values of μ

The parameter ξ is used to control the cumulative rate of the equivalent plastic
strain, which will have a significant effect on the rate of modulus degradation. ξ can
be determined by the trial-and-error method after obtaining the values of ϕ, c, G,
and μ. We can first assume that ξ is equal to 1, and we can compare the computation
and test results of the stress–strain curve (focusing on the residual plastic strain and
maximum strain). If they are inconsistent, then ξ must be adjusted to repeat the above
process until the calculation results are relatively consistent with the experimental
results. Figure 2.11 shows the cyclic stress–strain curves for one-way and two-way
loading under different values of ξ . One can see that the accumulation of strain is
becoming faster and the final residual plastic strain is much larger as ξ increases for
the one-way cyclic loading, as shown in Fig. 2.11a. The degradation of the modulus
is more significant, and the cyclic strain is larger, as ξ increases for the two-way
cyclic loading, as shown in Fig. 2.11b. ξ is usually between 0 and 5. It should be
noted that the other model parameters are set according to Table 2.2 in the section
below, to investigate the effect of ξ on the stress–strain curve.
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Table 2.2 Values of the model parameters

Model parameter Parameter function Newfield clay Cloverdale clay

ϕ (°) Shear strength index of soils 28 30

c (kPa) 13.6 7.7

G(MPa) Represent the initial stiffness of soils 25 32

μ Capture the shape of stress–strain curves
for initial loading

1.5 2

ξ Control the rate of strain accumulation and
modulus degradation

1.5 3.4

2.5 Verification of the Model Performance

To verify the model capability for simulating the undrained behaviors of clay
under cyclic loads, experimental data from Newfield clay (Sangrey et al. 1969) and
Cloverdale clay (Zergoun and Vaid 1994) are used to compare with the numerical
simulation results obtained from using the model. The predictions of the stress–
strain curve for one-way and two-way cyclic triaxial tests are analyzed in detail. The
capability of the model for capturing the essential features of the behaviors in satu-
rated clay, including the reverse plastic flow, the evolution of hysteretic loops, the
accumulation of plastic deformations, and the soil stiffness degradation, is validated.
The related model parameters used for predicting the test results are presented in
Table 2.2.

2.5.1 Prediction for One-Way Cyclic Loading Tests

One-way cyclic loading tests were performed by Sangrey et al. (1969). The undis-
turbed clay used in the tests was obtained from the face of a landslide scarp in
Newfield, New York. The clay has a liquid limit of 28%, a plastic limit of 18%, and
a natural water content of 24%. The samples were first normally consolidated under
an all-round pressure of 393 kPa, and then, they were subjected to one-way half-sine
cyclic loads with magnitudes of 180 kPa and 325 kPa, respectively. The stress–strain
curve of the soil sample subjected to a single cycle to failure is shown in Fig. 2.12.
The stress–strain curve of the initial loading can be fitted using the hyperbola curve
represented as in Eq. (2.42), and the fitting curve is shown in Fig. 2.12. One can obtain
that G = E

/
3 = 25 MPa according to the fitting equation. The other parameters

used for the simulation are listed in Table 2.2.
The predicted and measured stress–strain curve of the Newfield clay at the stress

level of 180 kPa and 325 kPa are presented in Fig. 2.13a, b, respectively. The dotted
line is the stress–strain curve for monotonic loading to failure. It can be seen from the
figures that the nonlinear, hysteretic property and strain accumulation characteristics
of soils under cyclic loads can be captured using the constitutivemodel. The predicted
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Fig. 2.12 Stress–strain
curve of the soil sample
subjected to a single cycle to
failure
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results of the stress–strain curves are consistent with the test results on the overall
trend and the final residual plastic deformation, although there is a deviation in the
shapes of the individual hysteresis loops. The strain accumulates in the direction of
compression for both the tests and predictions, and the residual strain is predominant
rather than the cyclic component. At the low stress level, the residual strain is small
due to the low rate of strain accumulation. At the high stress level, the failure of the
clay occurs quickly after several cycles, due to the high rate of strain accumulation.
Unfortunately, the model is unable to capture the cyclic ‘shakedown’ characteristic
of clay at the low stress level due to the gradual degradation of the hardeningmodulus
with the accumulated plastic deviatoric strain. In general, the comparisons indicate
that themodel can consider reasonably the effect of the stress level on the stress–strain
responses of clays.

2.5.2 Prediction for Two-Way Cyclic Loading Tests

Two-way cyclic loading tests were performed by Zergoun and Vaid (1994). A soft
gray undisturbed marine clay (Cloverdale clay) was used in the tests. The clay has a
liquid limit of 50% and a plastic limit of 26% and a natural water content of 50%.
The samples were first normally consolidated under a hydrostatic stress of 200 kPa,
and then, they were subjected to two-way sine cyclic loads with magnitudes of 78.4
kPa and 84 kPa, respectively. Themodel parameters used for the simulation are listed
in Table 2.2.

The predicted andmeasured stress–strain curves of theCloverdale clay at the stress
level of 78.4 kPa and 84 kPa are presented in Fig. 2.14a, b, respectively. Generally,
the model simulations agree with the measured data. It can be seen that the two-
way cyclic behaviors of soil specimens are significantly different from the one-way
cyclic behaviors shown in Fig. 2.13. For the two-way cyclic tests without initial static
deviatoric stress, the cyclic strain in both the compression and extension is much
larger than the average strain, and the extension strain is relatively more significant
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Fig. 2.13 Comparison of the predicted and measured stress–strain curve for Newfield clay at
different cyclic stress levels [test data from Sangrey et al. (1969)]

than the compression strain during cyclic loading. At the stress level of 78.4 kPa, the
degradation is not significant, and the final cyclic strain is small due to fewer cycles.
At the stress level of 84 kPa, the strain amplitude increases significantly as the cycle
number increases, and as a result, the failure occurs due to a large cyclic strain in the
direction of the extension. The development of the cyclic strain is actually the result
of the degradation of soil stiffness, and the degradation becomes more significant
with an increase in the cyclic stress level and the cycle number. The comparisons
indicate the ability of the model to capture the cyclic degradation characteristics of
clays.

2.6 A Simplified Version of the Single Bounding Surface
Model

The detailed theoretical framework and performance of the single bounding surface
model have been elaborated above (Cheng et al. 2020a). In the model, the undrained
clay is regarded as a single-phase medium, and then the deviatoric deformation
under cyclic loading can be calculated by using a total stress approach. Compared
with the effective stress-based constitutive model (two-phase approach), the total
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Fig. 2.14 Comparison of the predicted and measured stress–strain curves for Cloverdale clay at
different cyclic stress levels [test data from Zergoun and Vaid (1994)]

stress-based model is simpler with fewer parameters and is easier to implement
numerically even though it cannot capture the accumulation and dissipation of pore
pressure. The model can capture essential cyclic behavior characteristics of saturated
clay, including reverse plastic flow, evolution of hysteretic loops, accumulation of
plastic deformations, and degradation of soil stiffness.

A more simplified and practical version of the model will be introduced in this
section (Cheng et al. 2021). The shear strength of clay depends on the average
principal stress of the soil element; hence, the bounding surface (failure surface)
equation is represented by the Drucker-Prager function in Sect. 2.3.1. However, the
Von Mises function is usually adopted when the total stress-based model is used
to simulate the undrained behaviors of saturated clay (Prevost 1977). It means that,
from the perspective of total stress, the yielding of undrained clays is independent of
normal stress and depends only on deviatoric stress. Nonetheless, we must keep in
mind that the shear strength (failure strength) of soil is closely related to the average
principal stress (or normal stress).

In the model, the bounding surface represents the ultimate strength of the soil
element, i.e., the failure occurs when the stress point reaches the bounding surface.
As a simplified version, the bounding surface equation is described using the Von
Mises function, i.e.,
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F = 3

2
sijsij − A2

0 = 0 (2.43)

where sij denotes the deviatoric stress tensor of the bounding surface, and A0 denotes
the radius of the bounding surface. It is noted that A0 represents the soil undrained
shear strength, and A0 = 2 Su. It must be emphasized that A0 is not a constant, but
increases usually with the soil depth, which is consistent with the variation tend
of Su. A0 actually reflects the increase in soil undrained shear strength with the
average principal stress (or normal stress) as the soil depth increases. In this case, the
bounding surface equation represented by the Von Mises function is equivalent to
that represented by the Drucker-Prager function in Sect. 2.3.1, that is, A0 indirectly
characterizes the dependency of soil undrained shear strength (soil failure) on normal
stress. In this way, the difference between the undrained behavior of soil and the
behavior of metals can be distinguished when using the Von Mises function (A0 is a
constant for the metals due to its behavior being independent of the average principal
stress).

The strain increment includes two parts: elastic and plastic increments. The elastic
strain increment is obtained according to the generalized Hooke’s law; and the
plastic strain increment is obtained according to the hardening rule, the flow rule,
and the bounding surface equation. The model involves only one plastic deviatoric
mechanism. The deviatoric strain increment is determined by:

deij = 1

2G
dsij + 3

2H ′
sij
A2
0

skldskl, (2.44)

where deij is the deviatoric strain increment; G is the elastic shear modulus; dsij is
the deviatoric stress increment, sij is the deviatoric stress at the image stress point,
H ′ is the plastic shear modulus.

The simplified model includes only four parameters: A0 andG,μ and ξ , where A0

and G represent the soil shear strength and initial stiffness, respectively; μ captures
the shape of stress–strain curves for initial loading; and ξ controls the rate of strain
accumulation and modulus degradation. The values ofμ and ξ are usually between 0
and 5. As discussed earlier, the model parameters can be determined by performing
dynamic triaxial tests or simple shear tests.A0 is closely related to the internal friction
angle ϕ and cohesion c. For saturated clays, especially soft clays, the soil strength is
usually expressed by the undrained shear strength Su. In this case,A0 = 2Su according
to Eq. (2.43) and G can be determined by G = 0.5E

/
(1 + ν), where E is Young’s

modulus and ν is Poisson’s ratio (ν = 0.5 for undrained clay).E is usually considered
to be amultiple of Su for clay according to engineering experience (e.g., typical range
of E = 300 Su to 1800 Su) (Robertson and Campanella 1983; Anastasopoulos et al.
2011).
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2.7 Numerical Implementation of the Constitutive Model

The user-defined material subroutine UMAT is a secondary development interface
providedbyABAQUSfor users to define their ownmaterial properties. Itsmain task is
to calculate the stress increment that corresponds to the strain increment introducedby
the ABAQUS main program according to the user-defined constitutive relationships
of the materials, to update the stress state. Thus, the key is how to determine the
stress increment that corresponds to the strain increment based on the constitutive
relationship, as represented by:

{�σ }in = [Dep]n{�ε}in, (2.45)

where {�σ }in and {�ε}in represent the stress increment and strain increment, respec-
tively, that correspond to the i-th iteration for the n-th incremental load step. Here,
[Dep]n is the elastoplastic matrix at the start of the i-th iteration for the fully explicit
integration algorithm or the elastoplastic matrix at the end of the i-th iteration calcu-
lation for the implicit integration algorithm. In the study, the modified Euler scheme
with substeps of equal size is used to determine the elastoplastic stress state after
each iteration for each incremental load step. The modified Euler algorithm is a
second-order method; it requires two evaluations of the elastoplastic constitutive
matrix [Dep]n to update the stresses, and the strain increment {�ε}in is divided into
a specific number of subincrements of equal size to improve the calculation’s accu-
racy. The integration algorithm has been introduced in detail by Sloan and Booker
(1992). [Dep]n corresponds to the constitutive relationship in this study, and it can be
determined by derivation of the following formula:

Equation (2.46) can be obtained based on Eq. (2.37):

dsij = 2Gdeij − 3

2
(2G − H )

sij
(αI1 + k)2

skldekl . (2.46)

Equation (2.47) can be obtained based on the generalized Hooke’s law:

dσkk = 3Kdεkk , (2.47)

where dσkk is the volume stress increment. Additionally, dεkk is the volume strain
increment. K is the bulk modulus, and K = 2G(1 + ν)

/
(3(1 − 2ν)). As a special

case, Poisson’s ratio ν is set to 0.49 under the undrained condition during the finite
element calculation.

In addition, dεij = deij + 1
3δijdεkk , and we can obtain the following incremental

stress–strain relationship by combining Eq. (2.46) with Eq. (2.47):

dσij = 2Gdεij + 2Gν

1 − 2ν
δijdεkk + (H − 2G)

2(αI1 + k)2
sijskldεkl, (2.48)
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where dσij is the stress increment, dεij is the strain increment, and δij is the Kronecker
delta.

It is assumed that F = 2Gν
1−2ν , and M = (H−2G)

2(αI1+k)2
, and then, [Dep]n can be

represented as the following matrix based on Eq. (2.48):

[Dep]n =

⎡

⎢
⎢
⎢⎢
⎢
⎢
⎢⎢
⎣

2G + F + Ms11s11 F + Ms11s22 F + Ms11s33 Ms11s12 Ms11s23 Ms11s31
F + Ms22s11 2G + F + Ms22s22 F + Ms22s33 Ms22s12 Ms22s23 Ms22s31
F + Ms33s11 F + Ms33s22 2G + F + Ms33s33 Ms33s12 Ms33s23 Ms33s31
Ms12s11 Ms12s22 Ms12s33 G + Ms12s12 Ms12s23 Ms12s31
Ms23s11 Ms23s22 Ms23s33 Ms23s12 G + Ms23s23 Ms23s31
Ms31s11 Ms31s22 Ms31s33 Ms31s12 Ms31s23 G + Ms31s31

⎤

⎥
⎥
⎥⎥
⎥
⎥
⎥⎥
⎦

.

(2.49)

The model has no elastic domains, and it includes only an outer bounding surface.
The bounding surface describes the failure of the soils, and the stress states are
not located beyond it; therefore, the calculated stress states that fall outside of the
bounding surface must be brought back to the bounding surface. The radial return
method (Cheng et al. 2016; Wu 1990) is used to modify those stress states beyond
the bounding surface. In addition, the mobile mapping center is used to describe the
evolution of the hardening modulus, which means that the mapping center must be
updated to determine the stress states after the stress reversal. The stress reversal is
judged according to the angle between the deviatoric stress increment vector and the
exterior normal vector at the image stress point on the bounding surface, as shown in
Fig. 2.7. The key of the UMAT program is to determine the stress increment and to
update the stress states based on Eq. (2.48). Some state variables are set to store and
update the mapping center and the equivalent plastic strain in the UMAT program.
The main steps of updating the stress states based on the proposed constitutive model
are given next, and the corresponding flow chart of the stress updating is shown in
Fig. 2.15.

(1) The current tress point and the mapping center can be obtained from the last
incremental step.

(2) Next, we judge whether the current tress point is the mapping center. If that is
real, then the hardeningmodulusH is themaximum elastoplastic shear modulus
Hmax, and the stress increment dσij can be determined based on the elastic stress–
strain relationship. If not, then it is necessary to determine the stress increment
according to the elastoplastic stress–strain relationship.

(3) The image stress point that corresponds to the current stress point can be deter-
mined based on the radial mapping rule after obtaining the position of the
mapping center and the current stress point.

(4) The distance between the current stress point, the mapping center and the image
stress point δ, δ0 can be determined. The elastoplastic shear modulus H of the
current stress point is determined according to Eq. (2.26).

(5) The stress increment dσij can be determined based on Eq. (2.48), and then, the
stress states at the end of the increment step can be determined.
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Fig. 2.15 Flowchart of stress updating based on the proposed constitutive model

(6) Next, we judgewhether the stress state at the end of the increment step is beyond
the bounding surface. If it goes beyond the bounding surface, then it is necessary
to bring the stress point back radially to the bounding surface using the radial
return method.

(7) Next, we judge whether a stress reversal occurs. In the case of a stress reversal,
the mapping center must be updated.

(8) We next update the stress states, Jacobian matrix, and state variables. Then, we
go to the next incremental step.

A finite element model with only one element was established to simulate the
soil sample to verify the subroutine UMAT. The vertical displacement of the bottom
boundary is constrained, and the other boundaries are free in the model, as shown in
Fig. 2.16. The half-sine cyclic axial deviator stress with the peak value of 325 kPa
is applied to the top of the sample to simulate the stress state of the Newfield clay,
and the related model parameters can be seen in Table 2.2. The comparison between
the constitutive model prediction and the finite element results for the stress–strain
curve is shown in Fig. 2.17. The finite element result of the stress–strain curve is
in agreement with the result predicted by the constitutive model, which indicates
that the integration algorithm used in this study has an acceptable accuracy and the
subroutine UMAT has been correctly implemented in ABAQUS.
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Fig. 2.16 Finite element
model of the soil sample

Fig. 2.17 Comparison of
the stress–strain curves
calculated by the finite
element method and the
constitutive model
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2.8 Seismic Response Analysis of the Homogeneous
Horizontal Site

The seismic response of a homogeneous clay layer on bedrock is analyzed. The
thickness of the clay layer is 40m.The internal friction angle of the clay isϕ =24° and
the cohesion c= 10 kPa. The soil unit weight γ = 19 kN/m3. The shear wave velocity
v = 160 m/s. The elastic shear modulus G = 48.6 MPa, and the model parameter μ

and ξ are set to 1.5 and 2, respectively. A three-dimensional finite element model is
established based onABAQUSsoftware. Themodel is discretized by408-node linear
brick elements with the thickness of 1 m. The seismic action is applied in only one
direction, and the movement of the soil layer in the other two directions is restricted
to simulate a one-dimensional seismic response. Implicit dynamic analysis of the
seismic responses is performed by using the proposed nonlinear constitutive model.
In addition, a computer program for Equivalent-linear Earthquake site Response
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Analysis (EERA) (Bardet et al. 2000) is used for comparative analysis. To ensure
the comparability of the results of the two analysis methods, the shear modulus and
the damping ratio for the different levels of shear strain in EERA were determined
based on the stress–strain hysteretic curves of the proposed nonlinear constitutive
model. In other words, the stress–strain hysteretic curves of the clays for different
levels of shear strain are determined by the proposed nonlinear constitutive model
based on the above model parameters. Then, the shear modulus and damping ratio
can be inversely calculated according to the stress–strain hysteretic curves, as shown
in Fig. 2.18. The clay site is subjected to a seismic accelerogram from the Loma
Prieta earthquake record in the USA in 1989, which had a scaled peak acceleration
(PGA) of 0.1 g, as shown in Fig. 2.19.

The acceleration time histories and the acceleration response spectra at the ground
surface computed by the two analysis methods are shown in Figs. 2.20 and 2.21,
respectively. It can be seen that the EERA predicts PGA = 0.177 g, the nonlinear
elastoplastic analysis predicts 0.174 g, and the corresponding time of the PGA for
the two are both approximately 11.2 s. The acceleration time histories computed
by the two analysis methods agree with each other in the overall trend; although
the two methods are essentially different, one is nonlinear analysis and the other
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Fig. 2.18 Shear modulus and damping ratio versus the shear strain

Fig. 2.19 Acceleration
recorded in the Loma Prieta
earthquake
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is equivalent linear analysis. In a strict sense, the acceleration value computed by
ABAQUS is larger than that computed by EERA over the whole time history. A
similar relation occurs in the comparison of the acceleration response spectrum of
the ground surface in Fig. 2.21. The main reason is that the damping for ABAQUS
is smaller than that for EERA during the computation. Stress–strain loops computed
by the two methods at depths of 10 m and 30 m, respectively, are also compared in
Fig. 2.22. It can be seen that the level of stress and strain calculated by ABAQUS
agrees with that calculated by EERA, overall. However, the hysteresis loop for the
former is more ‘thin’ than that for the latter; in other words, the damping of the
latter is greater. This finding arises mainly as a result of the inherent defects of the
equivalent linear analysis because of ignoring the true nature of the soil’s nonlinearity
and the change in the soil stiffness during the earthquake action. In addition, the level
of stress and strain of the soil layer increases with the increase in the depth, while the
nonlinear hysteretic characteristics and the loss of energy increase. It can be seen from
the stress–strain curve of the soil at a depth of 30 m that the nonlinear constitutive
model proposed in this study can capture the strain accumulation characteristics of
the soil under seismic loads, but the equivalent linear model has no such ability. The
above comparative analysis verifies the ability of the constitutive model to simulate
the seismic response of the soil layer.

Fig. 2.20 Acceleration time
histories of the ground
surface
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Fig. 2.21 Amplification
coefficient of the acceleration
response spectrum of the
ground surface

0.0 0.5 1.0 1.5 2.0 2.5 3.0 3.5 4.0
0.0

0.5

1.0

1.5

2.0

2.5

3.0

3.5

4.0

4.5

A
m

p
li

fi
ca

ti
o
n
 c

o
ef

fi
ci

en
t

Period / s

 EERA

 ABAQUS



2.9 Summary 53

-0.12 -0.08 -0.04 0.00 0.04 0.08 0.12
-50

-40

-30

-20

-10

0

10

20

30

40

50
Depth=10m

S
h

ea
r 

st
re

ss
 /

 k
P

a

Shear strain / %

 EERA

-0.12 -0.08 -0.04 0.00 0.04 0.08 0.12
-50

-40

-30

-20

-10

0

10

20

30

40

50
Depth=10m

S
h

ea
r 

st
re

ss
 /

 k
P

a

Shear strain / %

 ABAQUS

-0.20 -0.16 -0.12 -0.08 -0.04 0.00 0.04 0.08 0.12 0.16 0.20
-50

-40

-30

-20

-10

0

10

20

30

40

50
Depth=30m

S
h

ea
r 

st
re

ss
 /

 k
P

a

Shear strain / %

 EERA

-0.20 -0.16 -0.12 -0.08 -0.04 0.00 0.04 0.08 0.12 0.16 0.20
-50

-40

-30

-20

-10

0

10

20

30

40

50
Depth=30m

S
h

ea
r 

st
re

ss
 /

 k
P

a

Shear strain / %

 ABAQUS

Fig. 2.22 Stress–strain curves at different depths of the soil layer

2.9 Summary

A simple single bounding surface constitutive model has been developed to predict
the undrained cyclic behaviors of saturated clays. The model includes only one outer
bounding surface without any inner loading surface or yield surface, which is based
on the concept of a ‘vanishing elastic domain’. Themodel does not involve changes in
themultiple yield surfaces in terms of the size and position in stress space. Therefore,
it does not involve complex kinematic hardening rules; it is only required tomemorize
important stress reverse events, which makes the model easy to implement numeri-
cally, and have a high computational efficiency in solving boundary value problems.
In other words, the simplicity should be the largest advantage of the model. However,
the model is based on the total stresses and is thus unable to predict pore-pressure
buildup due to changes in the mean effective stress. Problems that require prediction
of the pore pressure buildup during cyclic loading are best formulated in terms of
the effective stresses. Furthermore, without additional enhancements, the model is
unable to replicate the strain softening behavior.

This research proposed a new interpolation function of the elastoplastic shear
modulus based on the bounding surface theories. The constitutive model can capture
the cyclic degradation characteristics of clays by introducing the cumulative equiva-
lent plastic shear strain into the interpolation function. The evolution of the hardening
modulus is described in the deviatoric stress space by the movement and updating of
themapping center based on the new interpolation function, which enables themodel
to describe the stress–strain hysteretic responses of clays under cyclic loading. The
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present model can be simplified into some classical one-dimensional models when
the model parameters take certain special values; therefore, it can be regarded as
the improvement of some classical one-dimensional soil dynamic models and their
generalization in three-dimensional stress space.

Themodel parameters can usually be determined by performing triaxial tests. The
model performance has been verified by a comparative analysis on clays subjected to
one-way and two-way cyclic loading at different stress levels. The developed model
can capture the essential features of behaviors in saturated clay, including reverse
plastic flow, the evolution of hysteretic loops, the accumulation of plastic deforma-
tions, and the soil stiffness degradation. The newly developed constitutive model has
been successfully encoded into the ABAQUS software package by the secondary
development interface of UMAT. The ability of the model to calculate boundary
value problems such as clay foundations subjected to seismic loads has been veri-
fied to some extent by simulating the seismic responses of homogeneous horizontal
sites. The application of the model to solve soil-structure interacting problems will
be further discussed in future research.
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Chapter 3
A Cyclic p-y Elastoplastic Model Applied
to Lateral Loaded Pile in Soft Clays

The p-y method as a simplified analysis tool has been widely used to analyze the
behavior of laterally loaded piles. This chapter develops a novel cyclic p-y elasto-
plastic model within the framework of the single-surface bounding surface theory.
Themodel can capture the soil stiffness degradation during cyclic loading by incorpo-
rating the cumulative plastic displacement to an interpolation function of the elasto-
plastic resistance coefficient. The model is relatively simple with only four parame-
ters that can be determined from standard soil properties and stress–strain responses
measured in cyclic direct simple shear (DSS) tests. The performance of developed
model is validated by predicting the cyclic lateral response of piles installed in soft
clay during field and centrifuge tests published in the literature. The model can reli-
ably simulate monotonic and cyclic responses of piles under different lateral loading
patterns, and capture main characteristics of the pile head load–displacement curve,
such as nonlinearity, hysteresis, displacement accumulation, and stiffness degrada-
tion. It can also predict the evolution of the lateral deflection and sectional bending
moment along the pile during cyclic loading.

3.1 Introduction

In harsh offshore environmental conditions, offshore platforms and wind turbines
(OWT) supported by pile foundations are subjected to cyclic lateral loads due to
wind, seawaves, and currents. Consequently, the pilesmay experience large sectional
bending moments and significant cumulative displacement due to the soil stiffness
degradation causedby long-term lateral cyclic loading, especially for piles installed in
soft clay. For wind turbine foundations, serviceability limit state (SLS) requirements
typically dominate the whole structure design (Det Norske Veritas (DNV) 2013), and
foundation response to environmental loads pose a big challenge in their design. This
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motivated extensive research to develop reliable methods to analyze cyclic lateral
response of piles.

The load-transfer approach, often referred to as the p-y method, is widely used to
analyze the behavior of laterally loaded pile. In this approach, the pile is simulated as
an elastic beam and the soil is idealized as a series of discrete nonlinear springs along
the pile shaft. The p-y springs describe the relationship between the local lateral soil
resistance p and pile lateral relative displacement y. Although discrete p-y springs
do not rigorously capture the soil continuum behavior, they are still widely utilized
because of their simplicity and computational efficiency compared to continuum
modeling. The properties of p-y springs are usually characterized by a specific p-y
model, which depends on soil strength, stiffness, and pile properties. Selection of an
appropriate p-y model is therefore very important for accurate simulation of the pile
lateral behavior.

Matlock (1970) proposed a p-y model for piles installed in soft clay, which was
adopted by the API RP 2GEO (American Petroleum Institute (API) 2014) and is
widely used in industry. The model was developed based on limited pile load tests
at the Sabine River site in the 1950s, and its limitations have been widely discussed.
The model is too conservative and underestimates the initial stiffness and ultimate
soil reaction (Jeanjean 2009; Zhu et al. 2017). In addition, for cyclic loading cases,
an empirical reduction factor is usually introduced to modify the ultimate lateral soil
resistance to account for cyclic degradation effect. This reduction factor is too crude
and cannot properly account for the cyclic load level or pattern or loading history. To
account for number of load cycles and their amplitude, a cyclic degradation factorwas
proposed to improve the monotonous p-ymodels (Fan and Long 2005; Dewaikar and
Patil 2006; Zhu et al. 2017). However, these cyclic degradation models are empirical,
derived based on a few cyclic load tests, and cannot simulate lateral cyclic hysteretic
responses of piles.

The pile cyclic lateral response was also analyzed by developing cyclic p-y
hysteresis curves based on the beam on nonlinear Winkler foundation (BNWF)
method. In these models, some pile-soil interaction characteristics are simulated
using specific components such as spring, dashpot, drag cell, and gap cell to capture
the dynamic hysteretic behavior of the soil-pile interface (ElNaggar andNovak 1996;
Gerolymos and Gazetas 2005a; Allotey and El Naggar 2008; Heidari et al. 2014a, b;
Liang et al. 2018). However, the introduction of too many components complicates
the implementation of the model. In addition, the finite element method (Basack
2010a, 2015; Rathod et al. 2016; Hong et al. 2017; Zhang et al. 2022; Nimbalkar and
Basack 2022), the boundary element method (Basack 2010b; Basack et al. 2022),
the strain wedge method (Heidari and El Naggar 2018; Yang et al. 2021) and the
energy-basedmethod (Arvan andArockiasamy 2022) were also employed to analyze
the cyclic behavior of laterally loaded piles.

The bounding surface theory developed by Dafalias (1986) has been widely used
to describe the cyclic stress–strain response of soil. In recent years, this theory has
also been innovatively applied to describe cyclic p-y response. Several p-y models
were developed within the framework of the bounding surface elastoplastic theory



3.2 Cyclic p-y Model Based on Single Bounding Surface Theory 61

to simulate the lateral sand-pile interaction (Su and Yan 2013; Choi 2015) and clay-
pile interaction (McCarron 2015, 2021; Yu et al. 2020). The theoretically robust p-y
models that involve only spring elements based on bounding surface theory offer the
promise of good numerical implementation and applicability.

Only a few studies investigated the cyclic p-y elastoplastic models for clays based
on bounding surface theory. Single-surface bounding surface model (Yu et al. 2020)
degenerates the elastic domain to a loading stress point, and hence, unlike the two-
surface bounding surface model (McCarron 2015) does not involve the evolution
of the size and position of the kinematic hardening yield surface. Therefore, it is
relatively simple and easy to implement numerically. Yu et al. (2020) employed the
softening model of soil resistance to simulate the cyclic degradation of undrained
clay, which requires in-situ T-bar testing to determine model parameters. The model
applicability was validated only under two-way symmetric cyclic load. However,
piles in clay may exhibit vastly different responses under different lateral cyclic
loading patterns (i.e., one-way loading, two-way symmetric, and asymmetric loading,
Cheng et al. 2021). In addition, the pile may exhibit cyclic stability or instability
responses under different lateral load levels.

To address these shortcomings, this chapter proposes a new method to describe
the cyclic degradation of soft clay stiffness and strength utilizing an elastoplastic
resistance coefficient (Cheng et al. 2023). This method gives rise to a relatively
simple incremental cyclic p-y elastoplastic model developed by constructing a novel
interpolation function of the elastoplastic resistance coefficient within the framework
of the single-surface bounding surface theory. The model performance in simulating
both monotonic and cyclic responses of piles under different cyclic loading patterns
is validated by simulating several existing field and centrifugal model tests.

3.2 Cyclic p-y Model Based on Single Bounding Surface
Theory

3.2.1 Model Framework

Cyclic p-y curves often exhibit significant nonlinear hysteresis characteristics as
shown in Fig. 3.1, which are closely related to the soil stress–strain response. Mono-
tonic p-y curve may be constructed by scaling the soil stress–strain curve (Zhang and
Andersen 2017; Jeanjean et al. 2017). Cyclic stress–strain response can usually be
described by an incremental stress–strain relationship. Similarly, cyclic p-y response
can be described by an incremental p-y relationship. Based on the incremental
elastic–plastic constitutive theory, the incremental displacement dy induced by the
incremental resistance dp can be decomposed into two parts, i.e.,

dy = dye + dyp, (3.1)
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(a) A typical cyclic p-y curve                   (b) Initial loading  (c) Unloading  (d) Reloading 

�

0�

�

0�
o

A

B

Bound

Bound

Initial loading

Unloading

y

p
up

�
0�

Reloading

A

C

C

B�

G

A

B

o

A

B

C

B�

C

B�

G

G

Mapping centre o o

Mapping centre

p p p

Current point

Current point
Current point

Reversal point

Image point

Mapping centre

Reversal point

Image point

Image point

up�

Fig. 3.1 Cyclic p-y curve and radial mapping rule for the initial loading–unloading-reloading path

where dye is the incremental elastic displacement and dyp is the incremental plastic
displacement. The incremental resistance dp can be obtained from incremental elastic
displacement, incremental plastic displacement, and incremental total displacement,
based on the one-dimensional expression:

dp = kedye, (3.2a)

dp = kpdyp, (3.2b)

dp = kepdy, (3.2c)

where ke is the elastic resistance coefficient; kp is the plastic resistance coefficient;
kep is the elastoplastic resistance coefficient (tangent modulus of p-y curve). Based
on Eqs. (3.1) and (3.2), one can obtain:

kep = kekp

ke + kp
, (3.3)

kp = kekep

ke − kep
. (3.4)

Based on Eq. (3.2c), the key to establish the relationship between dp and dy is
to determine the elastoplastic resistance coefficient kep on the cyclic loading path.
In the present model, the bounding surface constitutive theory (Dafalias 1986) can
be used to establish one-dimensional incremental p-y relationship. It is assumed that
the elastic domain enclosed by the bounding surface is reduced to a point and that
incremental plastic displacement dyp occurs immediately for any incremental resis-
tance dpwithin the bounding surface, which is inspired by the concept of ‘vanishing
elastic domain’ proposed byDafalias and Popov (1977). The size of bounding surface
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represents the ultimate soil resistance pu, which means that the failure occurs when
the soil resistance p reaches the bounding surface.

A typical cyclic p-y curve for the initial loading–unloading-reloading path is
shown in Fig. 3.1a. The radial mapping rule proposed by Dafalias (1986) is adopted
herein, as shown schematically in Fig. 3.1b–d. In the initial loading path (Fig. 3.1b),
O, A, and B denote the initial resistance, current resistance, and resistance reversal
points, respectively. According to the radial mapping rule, O is the mapping center,
and A denotes the image point, which is intersection of the bounding surface and
a line that passes through the mapping center and the current resistance point. In
one-dimensional case, the image point becomes the ultimate soil resistance point in
the same direction as the current soil resistance. In the unloading path after resistance
reversal (Fig. 3.1c), the resistance reversal point B becomes the new mapping center,
C denotes the current resistance point, and C denotes the image point for unloading
path. In the reloading path (Fig. 3.1d), upon the resistance reversal again, the reversal
point B′ is updated as the mapping center, G denotes the current resistance point,
and G denotes the image point for the reloading path. During cyclic loading, the
soil resistance reversal point where the incremental resistance dp abruptly changes
direction is updated as the new mapping center upon resistance reversal.

Figure 3.1a shows that the elastoplastic resistance coefficient kep has a maximum
value at the beginning of loading (the mapping center), and kep = ke (kp = +∞)
according to Eqs. (3.3) and (3.4).When the soil resistance point reaches the bounding
surface (the image point), kep has its minimum value, and kep = 0 (kp = 0). When
the current resistance point moves from the mapping center to the resistance reversal
point, kep gradually decreases to a certain value from the maximum value. It is
assumed that kep reaches the maximum value again upon soil resistance reversal
and gradually decreases again to a certain value at the next resistance reversal point.
After reaching the maximum andminimum values of kep, the method of constructing
modulus interpolation function in bounding surface theory can be used to determine
kep for any current resistance point in the cyclic loading path.

To determine the elastoplastic resistance coefficient kep for the current soil resis-
tance point in the cyclic loading path, with reference to the expression of interpolation
function of elastoplastic modulus in the bounding surface model (Cheng et al. 2020),
a new interpolation function of kep is constructed based on the radial mapping rule
(Dafalias 1986), i.e.,

kep =
(

δ

δ0

)μ

ke exp

(
−ξ

∫ |dyp|
D

)
, (3.5)

where δ denotes the distance between the current soil resistance point and image
point, and δ0 denotes the distance between the mapping center and the image point
as shown in Fig. 3.1; μ is a parameter that reflects the shape of p-y curves for the
initial loading; dyp is the incremental plastic displacement determined by combining
Eqs. (3.2.b) and (3.4);

∫ |dyp| is the cumulative plastic displacement during cyclic
loading, which increases monotonically with time and reflects the degradation of soil
stiffness as its plastic displacement accumulates; and ξ is a coefficient that controls
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the rate of degradation of stiffness. Obviously, kep is maximum when δ = δ0 (the
mapping center) and is minimum when δ = 0 (the image point).

3.2.2 Model Parameters

The cyclic p-y model requires four parameters: ultimate soil resistance pu, elastic
resistance coefficient ke, and parameters μ and ξ . The roles of these parameters and
how to determine their values are discussed in the following sections.

3.2.2.1 Ultimate Soil Resistance pu

The ultimate lateral soil resistance pu is calculated assuming shear strength profiles
approximately linearly increasing with depth (Murff and Hamilton 1993), i.e.,

pu = Np · su + γ ′z

Np = N1 − N2 · exp
(−ζ · z

D

)

ζ = 0.25 + 0.05 · λ for λ < 6

ζ = 0.55 for λ ≥ 6

λ = su0
/

(k · D) (3.6)

where su is soil undrained shear strength;Np is non-dimensional lateral bearing factor;
γ ′ is soil submerged unit weight; z is soil depth below seafloor; D is pile diameter;
su0 is shear strength intercept at seafloor; k is rate of increase in shear strength with
depth; N1 is limiting value of bearing factor; N1 −N2 is intercept of bearing factor at
soil surface. Factors N1 and N2 are closely related to the characteristics of pile-soil
interface and soil properties. Murff and Hamilton (1993) suggested that N1 = 9
and N2 = 7 for smooth pile; same values were used in determining pu for the field
tests of offshore driven pile in soft clay carried out by Zhu et al. (2017). However,
Jeanjean (2009) suggested that N1 = 12 and N2 = 4 based on a series of centrifuge
testing and finite element modeling results for piles in soft clays. For these different
values, the non-dimensional lateral bearing factor Np with the normalized soil depth
z/D is plotted for upper limit case (λ ≥ 6) and lower limit case (λ = 0) as shown
in Fig. 3.2. For comparison, the widely used American Petroleum Institute (API)
(2014) expression of Np is also represented as

Np = 3 + J · z

D
for

z

D
<

6

J
,

Np = 9 for
z

D
≥ 6

J
, (3.7)
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where J is a dimensionless empirical constant with values ranging from 0.25 to 0.5
determined from field testing. The profile of Np for upper limit case (J = 0.5) and
lower limit case (J = 0.25) is also plotted in Fig. 3.2.

Figure 3.2 demonstrates that the maximum of Np proposed by API is equal to
the value proposed by Murff and Hamilton for smooth piles, both ≤ 9. However,
before reaching the maximum value, value of Np proposed by API is significantly
smaller than the latter except for shallow depth near the seafloor. Test results from
Jeanjean (2009) and Zhu et al. (2017) demonstrated that API p-y curve significantly
underestimated the value of ultimate soil resistance. In addition, Jeanjean (2009)
found that the maximum value ofNp exceeded 9 and even reached 12.7 for numerical
simulation results and 13.4 for centrifugal test results. Hence, Jeanjean (2009) limits
the maximum value of Np to 12 to be consistent with plasticity solutions proposed
by Randolph and Houlsby (1984) for a rough pile (see Fig. 3.2). Thus, maximum
Np has lower and upper limits of 9 and 12 for smooth and rough pile-soil interface,
respectively. Correspondingly, the present study suggests N1 = 12 and N2 = 7,
which renders Np within the values recommended by Murff and Hamilton (1993)
and Jeanjean (2009) as demonstrated in Fig. 3.2. In practice, values of N1 and N2

in Eq. (3.6) should be determined from actual pile-soil interface and soil properties
by performing pile load test. In the absence of test data, one can refer to the values
proposed in this study.

Fig. 3.2 Comparison of
non-dimensional lateral
bearing factor Np
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3.2.2.2 Elastic Resistance Coefficient ke

The coefficient ke is the initial tangent modulus (initial stiffness) of the p-y curve
and can expressed as (Vesic 1961):

ke = 0.65 12

√
EsD4

EpIp

Es

1 − ν2
, (3.8)

where Es and ν are the soil Young’s modulus and Poisson’s ratio; EpIp is the flexural
rigidity of pile section. For clay soils, Es is usually considered to be a multiple of
undrained shear strength su (i.e.,Es = 300 su to 1800 su) (Anastasopoulos et al. 2011),
and su is generally considered to increase linearlywith depth z. In ensuing analyses, ke

is determined employing Eq. (3.8). Alternatively, ke can be approximately assumed
to increase with depth (Poulos and Davis 1980), i.e.,

ke = ηh z, (3.9)

where ηh represents the variation of soil modulus with depth, taken as 160–3450 kN/
m3 for soft normally consolidated clays (Reese and Matlock 1956).

3.2.2.3 Parameter μ Capturing the Shape of Monotonic p-y Backbone
Curve

Parameterμ captures the shape ofmonotonic p-y backbone curve (the initial loading)
and the term exp

(−ξ
∫ |dyp|/D

)
is introduced in Eq. (3.5) to capture the cyclic

degradation of soil. For monotonic loading, ξ = 0 and Eq. (3.5) can be simplified
to:

kep =
(

δ

δ0

)μ

ke. (3.10)

Based onEq. (3.10), themonotonic p-y backbone curve can be obtained by numer-
ical integration of Eq. (3.2c). Figure 3.3 shows the normalized monotonic p-y curves
for different μ (p is normalized by pu, and y is normalized by D). The decrease in
tangent modulus slows as the displacement increases, and the variation of p-y from
linear to nonlinear becomes more gradual and starts earlier asμ increases. It is found
thatμ ranges from 0 to 5 to fit the actual p-y curves. It is worth noting that the current
model can be simplified into hyperbolic p-y model (Kondner 1963) whenμ = 2, i.e.,

p = y
1
ke + y

pu

. (3.11)
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Fig. 3.3 Predicted
monotonic p-y curves with
different μ (pu = 100 kPa, ke

= 10 MPa, D = 1 m)
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The proposed incremental p-y model with variable μ is more versatile and offers
wider applicability to represent different soft clays and pile conditions. Also, the
shape of p-y curves bears strong similarities with the soil stress–strain curves
(Bransby 1999). The stiffer the soil stress–strain response, the stiffer is the p-
y response, and vice versa. Zhang and Andersen (2017) constructed p-y curves
by simply scaling the soil stress–strain response measured in direct simple shear
(DSS) tests. In this study, parameter μ can be determined by curve fitting the shear
stress–strain curve (τ

/
su versus γ ) measured in DSS test, based on the incremental

stress–strain relationship corresponding to Eq. (3.10) (Cheng et al. 2020).
The normalized API p-y curve with εc of 1% is also plotted in Fig. 3.3 (εc is

strain at one-half the maximum stress on laboratory undrained compression tests of
undisturbed soil samples). The shape of API p-y curve is completely different from
that for variousμ values. For the API p-y curve, the soil resistance p reaches the limit
value when the lateral displacement y reaches 0.2 times the pile diameter D, i.e., y/D
= 0.2. If y/D = 0.2 is taken as the displacement failure criterion, the p-y curve for μ

= 1.5 meets this criterion. However, the stiffness (tangent slope) of p-y curve in the
initial loading forμ = 1.5 is significantly larger than API p-y curve, which illustrates
the rationality of the current p-y curve. Both model tests and finite element analysis
indicated that the API p-y curve is too conservative as it underestimates soil stiffness
(Jeanjean 2009; Zhu et al. 2017).

3.2.2.4 Parameter ξ Controlling the Rate of Cyclic Degradation
of Stiffness

The term exp
(−ξ

∫ |dyp|/D
)
is introduced into the interpolation function (Eq. 3.5) to

capture the degradation of soil stiffnesswith the accumulation of plastic displacement
during cyclic loading. The parameter ξ controls the rate of soil stiffness degradation
by adjusting the rate of plastic displacement accumulation. If ξ = 0 in Eq. (3.5), the
evolution of elastoplastic resistance coefficient kep is consistent between unloading
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and reloading paths for symmetrical two-way cyclic loading, and therefore, the p-
y hysteresis curve is completely closed without further degradation as the cycle
number increases, as shown in Fig. 3.4a for constant amplitude of p and in Fig. 3.4d
for constant amplitude of y. However, several studies revealed that clays exhibit
significant cyclic degradation under cyclic loading (Andersen et al. 1980;Vucetic and
Dobry 1988). Therefore, exp

(−ξ
∫ |dyp|/D

)
is used to capture the cyclic degradation

(Fig. 3.4b, c, e, f).
Elastic resistance coefficient ked after degradation is given by: ked =

ke exp
(−ξ

∫ |dyp|/D
)
. Figure 3.5 shows the ratio ked/k

e with the normalized accu-
mulative plastic displacement

∫ |dyp|/D for different ξ . Figure 3.5 reveals that its
value decreases gradually with the accumulation of plastic displacement, especially
as ξ increases; for ξ = 5, the value approaches 0 when accumulative plastic displace-
ment equals the pile diameter (

∫ |dyp|/D = 1), which means that the soil stiffness
approaches 0. Empirically, ξ ranges from 0 to 5 to fit observed cyclic p-y curves.
Cyclic p-y curves with different ξ are presented in Fig. 3.4, where Fig. 3.4a–c shows
that the cyclic degradation of soil stiffness is more significant as ξ increases for
constant amplitude p; and Fig. 3.4d–f shows the same trend for constant amplitude
y. Hence, parameter ξ controls the rate of cyclic degradation of soil stiffness. The
parameter ξ can be determined by curve fitting the cyclic shear stress–strain curve
measured in DSS test based on the incremental stress–strain relationship (Cheng
et al. 2020a).

Under one-way cyclic loading (no resistance reversal), the soil exhibits more
significant displacement accumulation rather than stiffness degradation for each
hysteretic cycle, as shown in Fig. 3.4g–i; as ξ increases the displacement accu-
mulation increases. However, the rate of increase is insignificant, compared with the
increase in stiffness degradation under two-way cyclic loading. Based on numerical
simulations, ξ can be taken as 0 for one-way cyclic loading.

The developedmodel is especially relevant to response of offshore pile foundation
subjected to cyclic environmental loads such as winds and waves. The frequency
range of wind and wave loads is usually 0.05–0.3 Hz (Arany et al. 2016), i.e., low-
frequency (long period) loads. When studying the long-term lateral cyclic behavior
of offshore piles, these loads are usually regarded as reciprocating quasi-static loads,
i.e., the associated inertia and damping forces can be ignored. Therefore, the p-y
model proposed in this chapter is mainly applicable to low-frequency loads such as
winds and waves, where the influence of load frequency on model parameters can
be ignored.
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Fig. 3.5 Degradation of
elastic resistance coefficient
with accumulative plastic
displacement
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3.3 Incremental Finite Element Calculation for Laterally
Loaded Piles

The cyclic p-y elastoplasticmodel is numerically implemented in a beamonnonlinear
Winkler foundation (BNWF)method. The pile and adjoining soil are discretized into
elements, with each soil node connected to one spring as shown in Fig. 3.6. The pile
is simulated by elastic beam elements, and the pile-soil interaction is simulated by
nonlinear spring. The incremental load vector is expressed as �F ; the incremental
soil resistance vector is expressed as �P; the incremental displacement vector is
expressed as �U with two components: horizontal displacement �v and angular
displacement �θ ; the global beam stiffness matrix is expressed as Kp. The beam
equilibrium equation is given by:

Kp · �U = �F − �P. (3.12)

In Eq. (3.12), the incremental soil resistance vector �P can be determined by

�P = Ks · �U , (3.13)

where Ks represents the global stiffness matrix of the nonlinear spring. Combining
Eq. (3.12) with Eq. (3.13), the equilibrium equation is rewritten as:

(
Kp + Ks

) · �U = �F . (3.14)

In Eq. (3.14), Kp is obtained by integrating the beam element stiffness matrix Ke
p ,

i.e.,
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Fig. 3.6 Incremental finite element analysis for laterally loaded piles by the beam on nonlinear
Winkler foundation (BNWF) method
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where Ep is pile Young’s modulus; Ip is second moment of area of pile cross-
section; �z is length of beam element. Obviously, Ke

p remains unchanged during
the calculation.

In Eq. (3.14),Ks can be obtained by integrating the stiffnessmatrix of each discrete
spring Ke

s represented as

Ke
s = kep · D · �z. (3.16)

It should be noted that Ke
s changes with the change of the elastoplastic resistance

coefficient kep due to the nonlinearity of the p-y curve, which can be determined
using Eq. (3.5).

The incremental displacement vector �U can be obtained from Eq. (3.14). Then,
the incremental internal force at each element node, including incremental bending
moment �M and shear force �Q, can be determined by Kp · �U . Finally, the total
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displacement, bending moment, and shear force can be obtained by numerical inte-
gration. The whole calculation process is realized by compiling a Matlab program.
The p-y model based on bounding surface theory only involves the spring cell, which
simplifies its numerical implementation and applicability compared to models with
the gap and dashpot cells; however, it cannot simulate separation at pile-soil interface.

3.4 Validation of Cyclic p-y Model Against Lateral Loading
Test of Pile

The model performance is validated by comparing its predictions with the measured
pile responses fromfield and centrifugemodel tests reported in the literature. Selected
pile tests in soft clays include the Sabine River field tests reported inMatlock (1970),
SOLCYP centrifuge experiments reported in Khemakhem (2012), and centrifuge
experiments reported in Yu et al. (2018, 2020). The testing programs are first intro-
duced briefly, and then monotonic and cyclic behaviors of laterally loaded piles are
predicted by the developed incremental p-y model. Pile geometries, soil properties,
and model parameters for the analyses of test piles are summarized in Tables 3.1 and
3.2.

3.4.1 Matlock’s Field Pile Tests

Matlock (1970) conducted lateral monotonic and cyclic load tests on steel pipe piles
installed in soft clay soil at a site near the Sabine River. Based on the test results, he
proposed the p-y curves for soft clays that were adopted by API RP 2GEO (2014).
The test pile had an outer diameter of 0.324 m with a wall thickness of 12.7 mm.
The pile total length was 13.1 m with 12.8 m embedded depth. The lateral load
was applied at 0.3 m above the ground surface. The test site consisted of marine-
deposited, high plasticity clay, interbeddedwith thin silty sand and sand layers. Zhang
et al. (2020) analyzed the results of site investigation and proposed a representative

Table 3.1 Geometry of test piles used for model validation

Tests Pile head
condition

Pile
diameter
D (m)

Embedded
depth
L (m)

Loading
height
H (m)

Wall
thickness
T (mm)

Elastic
modulus
Ep (GPa)

Flexural
rigidity
Ep Ip (MNm2)

Matlock’s
field test

Free 0.324 12.8 0.3 12.7 210 31.65

Khemakhem’s
centrifuge test

Free 0.954 16 2 40 74 889

Yu et al.’s
centrifuge test

Free 2 12 2 110 103 30,000
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Table 3.2 Soil properties and model parameters

Tests Loading
type

Parameters related to ultimate soil
resistance pu and elastic resistance
coefficient ke

Parameter
capturing
the shape
of p-y
backbone
curve

Parameter
controlling
the rate of
cyclic
degradation

Undrained
shear
strength
su (kPa)

Elastic
modulus
Es (kPa)

Effective
unit
weight
γ ′ (kN/
m3)

μ ξ

Matlock’s field
test

Monotonic 1.54 z +
9.92

600 su 7 3 0

Cyclic
(two-way)

0.03

Khemakhem’s
centrifuge test

Monotonic 1.17 z +
1.27

1000 su 7 1.4 0

Cyclic 0 (one-way)
0.25
(two-way)

Yu et al.’s
centrifuge test

Monotonic 1.39 z 1400 su 6.4 2 0

Cyclic
(two-way)

2

undrained shear strength profile. Correspondingly, a simplified linear shear strength
profile described by su = 1.54z+9.92 (z is soil depth) is used herein. Onemonotonic
loading test and one cyclic loading test (both free-head pile) are analyzed employing
the developed model. The relevant parameters of the current analysis are given in
Tables 3.1 and 3.2.

3.4.1.1 Monotonic Loading Tests

Figure 3.7a compares the calculated pile head load–displacement curve with the test
results (lateral displacement is normalized by pile diameter D). Figure 3.7a shows
a good match between the calculated and measured responses for the monotonic
load test. The parameter ξ = 0 is used (i.e., no cyclic degradation) for the mono-
tonic loading. Figure 3.7b, c compares the calculated lateral deflection and bending
moment profiles along the pile and those evaluated from the field measurements for
five different pile head load levels. The calculated responses agree well with the test
results for all load levels, which demonstrates that the developed p-y model can well
predict the increase of lateral deflection and bendingmoment profiles with increasing
the load level, and the location of the maximum bending moment for different load
levels. It also demonstrates the ability of the developed model to predict lateral
monotonic behavior of the pile in soft clays.
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Fig. 3.7 Calculated and measured test results of pile head load–displacement curve, lateral
deflection, and bending moment profiles along the pile

3.4.1.2 Cyclic Loading Tests

The load history of cyclic lateral load test was summarized by Zhang et al. (2020)
as shown in Table 3.3. The load history consisted of four sinusoidal load epochs,
and the cyclic loading level remained constant within each epoch. The cyclic tests
were performed in load-controlled mode. The pile was subjected to nonzero average
load and cyclic load, and the minimum load was the same for all four load epochs.
The minimum load with a negative value means the load reversal direction during
cycling. The load level increased with the epoch number. Except epoch 1 with 400
load cycles, the other three epochs comprised 200 load cycles. The period for each
load cyclewas 20 s. Figure 3.8a, b compares the predictionswith test results including
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Table 3.3 Cyclic load history of the free-head cyclic test (Zhang et al. 2020)

Epoch No. of cycles Min. load (kN) Max. load (kN) Ave. load (kN) Cyc. load (kN)

1 400 − 8.9 17.8 4.45 13.35

2 200 − 8.9 35.6 13.35 22.25

3 200 − 8.9 53.4 22.25 31.15

4 200 − 8.9 60 25.55 34.45

the evolution of the lateral deflection and sectional bending moment along the pile
with cyclic loading. Zhang et al. (2020) emphasized that the test results were based
on readings of peak strain gauge values during continuous cyclic loading, and hence
the results along the depth do not correspond to a given time but for a given period,
as indicated by the legend. The first and last load cycles predictions are shown in
Fig. 3.8a, b.

The comparison reveals that the calculated lateral deflection and sectional bending
moment profiles are in general good agreement with the measured data. Maximum
bending moments and their locations agree with the experimental data. This agree-
ment reflects the ability of the developed p-y model to simulate the gradual increase
in lateral deflection and bending moment along the pile as cyclic loading progressed
due to soil stiffness degradation. It also enabled accurate prediction of the posi-
tion of the maximum moment, which shifted downward gradually as the cycle
number increased. Figure 3.8c shows the predicted pile head load–displacement
curve for Epoch 3. Unfortunately, the corresponding experimental data was not avail-
able for comparison. The predicted curve exhibits the characteristics of nonlinearity,
hysteresis, displacement accumulation, and stiffness degradation. The displacement
accumulation stabilizes gradually with cyclic loading, illustrating the model ability
to capture lateral cyclic behaviors of the pile in soft clays.

3.4.2 Khemakhem’s Centrifuge Tests

Khemakhem (2012) reported a set of centrifuge model tests of free-head piles in
Kaolin clay under monotonic and cyclic lateral loading. The tests formed part of the
SOLCYP project (Puech and Garnier 2017). The model tests were carried out at 50
g using the IFSTTAR centrifuge facility. In prototype scale, the model pile had an
outer diameter of 0.954 m with a wall thickness of 40 mm (accounting for increase
in pile diameter caused by the coating on strain gauges). The pile total length was
18 m with an embedded depth of 16 m. The lateral load was applied 2 m above the
ground surface. The monotonic and cyclic tests were carried out in slightly over-
consolidated Kaolin clay. The selected tests were described by Zhang et al. (2020)
to validate their models. In present research, the representative soil profile suggested
by Khemakhem (2012) is used, i.e., su = 1.17z + 1.27. The specific parameters of
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Fig. 3.8 Calculated and measured test results for the evolution of lateral deflection and sectional
bending moment during cyclic loading, and predicted pile head load–displacement curve

pile geometry and soil properties used in the analyses are presented in Tables 3.1 and
3.2.

3.4.2.1 Monotonic Loading Tests

The monotonic tests were carried out in displacement-controlled mode at a constant
velocity of 20 mm/s at prototype scale. Figure 3.9a compares the predicted pile head
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Fig. 3.9 Calculated and measured test results of pile head load–displacement curve and bending
moment profile

load–displacement curve against themeasured data, which demonstrates good agree-
ment between the two sets. Figure 3.9b compares the calculated bending moment
profile along the pile with that established from the strain gauges measurements
during the tests at different load levels. The predictions agree with the physical
measurements in the general trend despite some deviation.

3.4.2.2 Cyclic Loading Tests

The piles were subjected to cyclic load-controlled tests, in which sinusoidal load
with a frequency of 0.25 Hz was applied to the pile head. Two cyclic loading tests
are selected to validate the proposed p-y model. Both tests had the same average
lateral load of 150 kN, but different cyclic amplitudes: test C09S1ins had a cyclic
amplitude of 200 kN, and the load direction was reversed during each cycle (cycle
number = 40); and test C10S1ins had a cyclic amplitude of 50 kN, and the lateral
load did not reverse direction during cycling (cycle number = 1000).

Figure 3.10a, b compares predictions and test results of pile head load–displace-
ment curves for test C09S1ins. The measured load–displacement curve exhibited a
distinctive response pattern in different load cycles; the hysteretic loop for first 20
cycles (N ≤ 20) was ‘thin’ and the following cycles were ‘fat’. This trend can be
seen more clearly from the evolution of pile head displacement with the number
of load cycles, where the increase of displacement was first slow and then accel-
erated as the cyclic loading continued as shown in Fig. 3.11e. It is interesting to
note that the calculated response could capture such complex trend. Figure 3.10c
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shows the calculated pile head load–displacement curve for test C10S1ins. Regret-
tably, the corresponding experimental results were not available for comparison. The
predictions for test C10S1ins without loading reversal exhibit different trends from
test C09S1ins with loading reversal. For test C10S1ins, the increase of displacement
slows down gradually with the cycle number, and the cumulative displacement of
pile head is significantly smaller due to the relatively small cyclic amplitude. The
parameter ξ that controls the rate of cyclic degradation of stiffness is taken as 0 for
one-way cyclic loading (i.e., test C10S1ins). For test C09S1ins, the loading reversal
occurs during asymmetric cyclic loading, however, the reversal is not significant
compared with the two-way symmetrical cyclic loading. Hence, a relatively small ξ
value is used (0.25) as shown in Table 3.2.

Figure 3.11a, b compare the predicted andmeasured pile bendingmoment profiles
for tests C09S1ins and C10S1ins, respectively. Due to availability of test results
reported inKhemakhem (2012), only the comparisons for 10th cycle of test C09S1ins
and 100th cycle of test C10S1ins are presented. The predictions agree with the
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Fig. 3.10 Comparison between predicted and measured pile head load–displacement curves for
Khemakhem’s centrifuge tests
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Fig. 3.11 Comparison between predicted and measured bending moment profiles, and evolution
of maximum bending moment and pile head displacement with the load cycle during tests

measured results in both cases, although the maximum bending moment is slightly
overestimated. Figure 3.11c–f compares the evolution of pile maximum bending
moment and the pile head deflection with the number of load cycles for tests
C09S1ins and C10S1ins, respectively, along with the predictions by Khemakhem
(2012). The comparisons demonstrate that the calculated responses agree well with
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the test results in the general trend despite some deviations. The comparisons illus-
trate that the proposed p-y model can generally capture the cyclic behavior revealed
by the centrifuge tests.

3.4.3 Yu et al.’s Centrifuge Tests

Yu et al. (2018, 2020) conducted centrifuge tests at 50 g at the centrifugal laboratory
of National University of Singapore (NUS) to investigate the lateral cyclic response
of a free-head monopile in normally consolidated Kaolin soft clay. As presented in
Table 3.1, the prototype pile had a diameter of 2 m and wall thickness of 110 mm.
The pile total length was 14 m with an embedded depth of 12 m. The lateral load
was applied 2 m above the ground surface. The initial clay shear strength su along
depth was assessed at around 1.39 z kPa, and the average strength profile su,av was
8.34 kPa. Selected monotonic and cyclic tests were used to validate the proposed p-y
model. Soil properties and model parameters for the currently analyses have been
summarized in Table 3.2.

3.4.3.1 Monotonic Loading Tests

Figure 3.12 compares the calculated and measured pile head load–displacement
curves. The lateral pile head loadP is normalized by su,av DL, and lateral displacement
is normalized by D. Figure 3.12 shows excellent agreement between the calculated
and measured pile head load–displacement responses, which confirms the ability of
the model to predict lateral monotonic behavior of monopiles with large diameter in
soft clays.

Fig. 3.12 Comparison
between predicted and
measured pile head
load–displacement
curves for Yu et al.’s
centrifuge tests
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3.4.3.2 Cyclic Loading Tests

The selected two-way cyclic tests were performed in displacement-controlled mode,
which involved applying 20 load cycles at three different sinusoidal displace-
ment amplitudes of 0.05D, 0.1D, and 0.2D. Figure 3.13 compares the calculated
and measured load–displacement curves at the pile head. In general, the calcu-
lated and measured responses are in good agreement. Both the calculated and
measured curves exhibit significant stiffness degradation during cyclic loading, and
the nonlinear hysteretic characteristics became more evident as the displacement
amplitude increased. It should be noted that the cyclic degradation stabilized after a
certain number of cycles. Einav and Randolph (2005) and Yu et al. (2020) employed
the fully remolded ratio between fully remolded and intact state soil resistance to
characterize the cyclic degradation phenomenon of the undrained clay. The cyclic
degradation stabilizes when the soil resistance is degraded to the fully remolded
resistance, i.e., fully remolded soil resistance represents the lower limit of soil resis-
tance after experiencing degradation. Similarly, for the cyclic tests, soil stiffness has
a lower bound on degraded value. In present research, the ratio between the elastic
resistance coefficient ked after degradation and initial value ke as shown in Fig. 3.5
is limited to 0.2 to avoid infinite degradation. Figure 3.14 compares the calculated
and measured degradation of the pile head secant stiffness with the number of cycles
for the three tests with different displacement amplitudes. The secant stiffness is
determined by P/(su,avDymax), where ymax is the cyclic displacement amplitude. The
calculated responses agree with the test results, which demonstrate the rationality of
the developed model in simulating the stiffness degradation of the pile in soft clays.

3.5 Summary

Summary: A simplified cyclic p-y elastoplastic model is developed within the frame-
work of the single-surface bounding surface theory. A novel interpolation function
is proposed to determine the elastoplastic resistance coefficient for any current resis-
tance point in the cyclic loading path, and the cumulative plastic displacement is
introduced to the interpolation function to capture the degradation of the soil stiff-
ness during cyclic loading. The p-y hysteretic curves can be constructed based on the
radial mapping rule and movable mapping centers. The cyclic p-y model requires
only four parameters with clear physical significance. The model is numerically
implemented into the BNWF method, and its performance is validated by calcu-
lating the responses of lateral monotonic and cyclic load tests of full scale and model
piles installed in soft clays. The good match between predictions and test results has
demonstrated the model ability to predict the essential cyclic behavior of laterally
loaded piles in soft clays.

Model novelty: The proposed cyclic p-y elastoplastic model is relatively easy
to implement numerically because it does not involve the evolution of the size and
position of the kinematic hardening yield surface. The cyclic degradation of soft clay
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Fig. 3.13 Load–displacement hysteresis curves at pile head with different displacement ampli-
tudes: a, c, e centrifuge test results (Yu et al. 2018); b, d, f predictions

is described using a coefficient of degradation of elastoplastic resistance, which is
used to reflect the degradation of soil stiffness and resistance. The developed model
can analyze the response of piles in soft clay under different lateral loading patterns
including one-way loading, two-way symmetric, and asymmetric loading. Themodel
can capture the main characteristics of pile head load–displacement curve, such as
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Fig. 3.14 Comparison
between the calculated and
measured degradations of the
pile head secant stiffness
with the number of cycles
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nonlinearity, hysteresis, displacement accumulation, and stiffness degradation, and
predict the evolution of the lateral deflection and section bending moment along the
pile with cyclic loading.

Significance and Application: The simulation of proper cyclic p-y hysteretic
response is themost challenging aspect in the analysis of piles lateral cyclic responses
employing the BNWF method. This chapter proposes a relatively simple and prac-
tical cyclic p-y model within the framework of the single-surface bounding surface
theory. It offers computational efficiency comparedwith the 3Dfinite elementmethod
based on advanced dynamic constitutive model. The model parameters can be easily
determined from standard soil properties and stress–strain responses measured in
direct simple shear (DSS) tests. When applied to engineering practice, the model can
improve the design of horizontally loaded piles. However, the proposed p-y model
has its limitations. The current version is applicable to soft clay only as it does not
capture the strain softening response of stiff clay and can be used for low-frequency
loading (e.g., wind and waves) as it ignores inertia and damping forces.
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Chapter 4
Lateral Cyclic Responses of OWT
Monopile in Soft Clays

It is very important to analyze the lateral cyclic response of monopiles for the design
of offshore wind turbines (OWTs). A three-dimensional finite element method for
lateral cyclic responses of large-diameter monopiles is developed based on a simpli-
fied constitutivemodel of clays that has been successfully encoded into theABAQUS
software package (as detailed in Chap. 2). The applicability of this method is vali-
dated by simulating the existing centrifugal model test. The method can predict the
nonlinear hysteresis responses of monopiles in clays during cyclic loading, and the
evolution of bending moment and lateral deflection profile of monopile with loading
cycles. Various lateral cyclic loads with different loading patterns including one-way
and two-way loading, symmetric and asymmetric loading, variable-amplitude and
constant-amplitude loading are applied to monopiles. The impact of different cyclic
loading patterns on lateral responses of large-diameter monopiles is systematically
investigated. The research results can provide some reference for the engineering
design of large-diameter monopiles under lateral cyclic loads.

4.1 Introduction

Offshore wind power has become a promising solution for global energy devel-
opment. Monopiles are widely used for supporting offshore wind turbines (OWTs),
which account for more than 75% of currently installed OWTs (Hamilton et al. 2013;
Esteban et al. 2015).Differing from the conventional piles, the piles supportingOWTs
usually have the diameters rangingbetween3 and8m,which canbe regarded as large-
diameter monopiles. Inmarine environment, thesemonopilesmainly are subjected to
lateral cyclic loads due to winds, waves, and tides. In current guidelines for offshore
wind turbines, requirements of serviceability limit state (SLS) typically dominate the
whole design (Arany et al. 2015; Liao et al. 2018). In terms of SLS, monopiles are
often designed to not exceed 0.25° of tilt or rotation at the mudline (or other similar
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value as dictated by the turbine manufacturer) which is typically induced by lateral
cyclic loads during the design life of the OWTs (Det Norske Veritas (DNV) 2013).
Therefore, it is necessary to propose a method to analyze lateral cyclic responses of
monopiles for the design of OWTs foundation.

At present, the simplified p–y curve methods proposed by available design stan-
dards are generally used to calculate lateral responses of piles subjected to cyclic
loads (Det Norske Veritas (DNV) 2013; American Petroleum Institute (API) 2007).
However, the p–y curves in design standards are usually obtained by model tests of
small diameter piles (usually less than 2 m), hence the size effect of large-diameter
monopiles is not considered, which may lead to inaccurate analysis results. In addi-
tion, an empirical reduction factor is introduced usually tomodify the ultimate lateral
soil resistance to account for cyclic effect, which is too crude to consider the cyclic
load level, cyclic load pattern, cyclic loading history, etc. As a result, conventional
p–ymethods from codes have been questioned, and new computationalmethods have
been developed by many researchers.

The cyclic degradation factor related to the number of cycles and the level of
cyclic loads was proposed to improve the conventional p–y methods (Rajashree and
Sundaravadivelu 1996; Fan and Long 2005; Dewaikar and Patil 2006; Zhu et al.
2017). The cyclic lateral responses were also analyzed by developing new cyclic
p–y hysteresis curves based on nonlinear Winkler model. In this way, many factors
including soil nonlinearity, pile-soil contact nonlinearity, radiation damping, and soil
stiffness degradation can be considered (Gerolymos et al. 2009; Memarpour et al.
2010; Heidari et al. 2014a, b; Choi et al. 2015; Liang et al. 2018). However, the p-y
curve method does not consider the continuity of soil, and it is difficult to apply to
special boundary conditions.

The degradation stiffness model was proposed to assess the long-term perfor-
mance of OWT monopiles under cyclic lateral loading, the impacts of a series of
factors such as pile geometry, loading conditions, embedment length, and the loading
cycles number on the pile cyclic performance were investigated (Achmus et al. 2009;
Kuo et al. 2011; Depina et al. 2015; Ma et al. 2017; Yang et al. 2018; Chen et al.
2020a, b). This method is actually using the degradation of soil modulus to reflect
the effect of cyclic loading on strength and stiffness of soils. It cannot track the time
history of cyclic deformation for monopiles, so it can’t reveal the mechanism of
pile-soil interaction during cyclic loading.

Lateral cyclic responses of monopiles have also been analyzed by using some
advanced soil constitutivemodels and establishingfinite elementmodel of interaction
between piles and soils. Bourgeois et al. (2010) performed three-dimensional finite
element computations for lateral cyclic responses of piles using a constitutive model
that combines a linear isotropic elastic law with only one single deviatoric plastic
mechanism. Lateral cyclic responses of a vertical pile embedded in a dry dense
sand were studied by Giannakos et al. (2012) by performing three-dimensional finite
element analyses with a nonlinear kinematic hardening soil model. Hong et al. (2017)
investigated the cyclic lateral response and failure mechanisms of semi-rigid pile in
soft clay using a hypoplastic clay model considering the cyclic degradation effects.
Shao et al. (2019) studied the degradation of the lateral bearing capacity of piles in
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soft clay subjected to cyclic lateral loading by using a modified kinematic hardening
constitutive model capturing the cyclic degradation of soft clay.

Generally speaking, there are still many obstacles in using advanced constitutive
model to analyze cyclic lateral response of piles although it hasmany advantages. For
example, the dynamic constitutive model is usually complicated because of various
hardening rules involved, which leads to the difficulty of numerical implementation
and the relative low calculation efficiency. Therefore, it is necessary to use simple and
applicable constitutive model to describe the cyclic behavior of soil. In addition, the
lateral load applied to OWT monopiles is usually not a regular one-way or two-way
cyclic load, but a variable-amplitude irregular load. How the difference of load action
mode will affect the lateral responses of piles is also lack of systematic research. As
a result, main objectives of this chapter focus on: (a) develop and validate a three-
dimensional finite element method for lateral cyclic responses of large-diameter
monopiles based on a simplified constitutivemodel of clay; (b) investigate the impact
of different load action modes on lateral responses of large-diameter monopiles.

4.2 Numerical Simulation Method and Verification

4.2.1 Brief Introduction of Centrifuge Tests

Centrifuge model tests of monopiles in Malaysia kaolin clay were reported by Yang
et al. (2019). The open-ended model pile was made of 6061 aluminum alloy pipe
with an elastic modulus of 68.9 GPa. The outer diameter and the total length of the
model pile were 0.059 m, 0.83 m, respectively. The centrifuge acceleration of 100g
is adopted, so it represents a prototype pile of 5.9 m diameter and 83 m length, as
shown in Fig. 4.1. The pile was deemed semi-rigid with a relative pile-soil stiffness
of 0.0043 based on the definition proposed by Poulos and Hull (1989). TheMalaysia
kaolin clay has a liquid limit of 80% and plastic limit of 35%. The unit weight is
15.5–16.4 kN/m3, and internal friction angle is 23°. The undrained shear strength Su
varies almost linearly with depth of soil layer, which is represented by Su = 1.26 Z
(Z denotes the depth of soil layer).

The lateral static monotonic loading test was firstly performed for the model pile
with a loading velocity of 0.003 m/s. Then three lateral cyclic loading episodes
numbered C1, C2, and C3 were applied in turn to the pile, and the loading position
is 0.23 m (prototype size) away from the mud surface. Test C1, C2, C3 had a loading
amplitude from 0.25MN to 1MN, from 0.45 MN to 1.75 MN, from 0.45 MN to
3.7 MN, respectively. The cycle number of loading for Tests C1, C2, and C3 was
100, 100, and 180, respectively. The loading frequency was 0.2 Hz for all tests. The
reconsolidation was allowed during the interval between different cyclic episodes.
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Fig. 4.1 Diagrammatic
sketch of the model pile

4.2.2 Numerical Simulation of Centrifuge Tests

The 3D finite element model was established using the ABAQUS software package
to simulate the above centrifuge model tests. Considering the symmetries of the
geometries and loading conditions during the tests, only a half portion of the pile and
soil domain was meshed to improve the calculation efficiency, as shown in Fig. 4.2.
Trial computation results indicate that a model of size 20D× 14D (the cross section
is a semi-circle, and D is the pile diameter) is sufficient to avoid boundary effects
on simulation results. The pile and the soils were all simulated using 14,512 8-node
linear brick elements (C3D8). Normal horizontal constraints were applied to the
vertical boundaries, and fixed constraints were applied to the bottom boundary. The
top boundary was fully free. The pipe section of the monopile was replaced by a solid
section pile with equivalent bending stiffness (Achmus et al. 2009). Lateral loads are
applied to the pile according to the loading condition in the above centrifugal tests.

The interaction between the pile and the surrounding soil was modeled by the
contact-pairs in ABAQUS. In this approach, the master surface is defined as a surface
that belongs to the material that either is relatively stiff or has a finer mesh geometry,
and the slave surface corresponds to the softer material or material with a coarser
mesh. In this study, the pile surface was defined as the master surface, and the soil
surface in contact with the pile was defined as the slave surface. The separation
between the interface elements was allowed when they were subjected to tension.
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Fig. 4.2 Three-dimensional
finite element model of
large-diameter monopile
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When the two surfaces were in contact, the interface behavior was governed by
Coulomb’s friction theory, and the friction coefficient was assumed to be 0.3.

The material behavior of the monopile with an equivalent solid section is simu-
lated using linear elastic constitutive model. The elastic compression modulus E is
18.44 GPa, the material density is 2700 kg/m3, and Poisson’s ratio is 0.3. The cyclic
behavior of soil was simulated by the simplified version of single bounding surface
model proposed by authors mentioned in Chap. 2. Parameter A0 = 2 Su, and Su =
1.26 Z, hence A0 increases linearly along the depth Z of soil layer. According to the
soil properties in the above centrifugal tests, the elastic compression modulus E =
400 Su, and elastic shear modulusG = 0.5E

/
(1+ ν), where Poisson’s ratio ν is 0.5

under an undrained condition, and at this case G = E
/
3. It means that G increases

also linearly along the depth Z of soil layer. Empirically, parameters μ and ξ are
usually between 0 and 5. μ and ξ are set as 2 and 1 respectively in the simulation.

4.2.3 Comparisons of Predictions and Centrifuge Model Test
Results

4.2.3.1 Monotonic Loading Tests

Figure 4.3 shows the comparison between the current simulation and centrifugal
tests ‘results for load–displacement curves of pile head under lateral monotonic
loading. The displacement has been normalized by the pile diameter. It can be seen
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from the figure that the load–displacement curve is more steep at initial loading,
which indicates the initial stiffness of soil is relatively large during loading. As the
lateral load increases, the curve slows down, and the displacement increases faster,
indicating the degradation of soil stiffness gradually. It reflects the nonlinear and
plastic deformation characteristics of clays around the pile. The simulation results
are basically consistent with the experimental results although the soil stiffness is
slightly underestimated.

Figure 4.4 shows the evolution of bending moment along pile shaft as the lateral
load increases. It can be seen from the simulation results that the bending moment
increases obviously with increasing the loads. The bending moment reaches the peak
value at a certain position along pile shaft (about 17 m below the mud surface in this
research) under a certain magnitude of lateral load, and the position point moves
down slightly with increasing the loads. The predictions agree with the measured
value in the overall trend although some deviations due to the slight underestimation
of soil stiffness.

Fig. 4.3 Load–displacement
curves of pile head for
monotonic loading

0.0 0.1 0.2 0.3 0.4 0.5
0

2

4

6

8

10

L
at

er
al

 l
o
ad

 (
M

N
)

Normalised pile-head displacement

 Test

 Simulation

Fig. 4.4 Distribution of
bending moment along pile
shaft with increasing loads

0 100 200 300 400
60

45

30

15

0

-15

D
ee

p
th

(m
)

Bending moment (MN·m)

 1MN-Test

 1MN-Simulation

 3MN-Test

 3MN-Simulation

 8MN-Test

 8MN-Simulation



4.2 Numerical Simulation Method and Verification 93

4.2.3.2 Cyclic Loading Tests

The comparison between the current simulation and centrifugal tests results for load–
displacement curves of pile head under lateral one-way cyclic loading is shown in
Fig. 4.5. It can be seen from the figure that significant cumulative displacement of pile
head occurs under cyclic loading, and it increases gradually as the cyclic load level
increases from Test C1 to C3. The predicted hysteresis loops reveal the nonlinear
responses of the monopile foundation in clays, and it becomes more significant as
the cyclic load level increases. The predicted results are generally in agreement with
the test results in every episode although some deviations in Fig. 4.5b (ξ = 1). The
predicted cumulative displacement during Test C2 and C3 is relatively larger than
measured value. The reason may be that the reconsolidation is allowed during the
interval between three different cyclic episodes during tests, which enhances the
strength and stiffness of soils around pile. However, the effect of soil reconsolidation
is not considered in the numerical simulation; hence, the strength and stiffness of soil
are underestimated to a certain extent. In addition, in order to investigate the influence
of parameter ξ on the numerical simulation, the predicted load–displacement curves
with different ξ are also shown in Fig. 4.5c and d (ξ = 2 and 3). It can be seen
that the predicted displacement of pile head becomes larger as ξ increases, which is
mainly because the increase of ξ accelerates the soil stiffness degradation and strain
accumulation.

Figure 4.6 shows the comparison between measured and computed bending
moment profiles at the 1st and 90th cycles of loading. In general, the predictions
are in agreement with the measured results. The numerical model predicts well the
shape of the moment distribution and the increase of the bending moments with
increasing number of cycles. The numerical model is also capable of predicting the
depth of the maximum bending moment.

Lateral cyclic responses of large-diameter monopiles under two-way cyclic
loading are also simulated to validate the three-dimensional finite element method
furtherly. Three lateral two-way cyclic loading episodes are applied in turn to the
pile, and the peak load for every episode is the same as the previous one-way loading
centrifuge model tests reported by Yang et al. (2019). The parameter values of the
soil constitutive model are completely consistent with the above numerical simula-
tion for one-way cyclic loading. However, due to the lack of centrifugal test results
under lateral two-way cyclic loading, only the predicted load–displacement curves
of pile head are shown in Fig. 4.7. Despite the lack of quantitative comparison, it
can be seen that the numerical method can qualitatively predict the basic behaviors
of monopiles under lateral two-way cyclic loading, such as the hysteretic behavior
and stiffness degradation.
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Fig. 4.5 Load–displacement curves of pile head for lateral cyclic loading

Fig. 4.6 Evolution of
bending moment profile with
increasing the number of
loading cycles N

0 8 16 24 32 40 48
60

45

30

15

0

-15

D
ep

th
 (

m
)

Bending moment (MN·m)

N=1 Test

N=1 Simulation

N=90 Test

N=90 Simulation



4.3 Predicting Lateral Cyclic Responses of Monopiles Under Different … 95

Fig. 4.7 Predicted
load–displacement curves of
pile head for lateral two-way
cyclic loading
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4.3 Predicting Lateral Cyclic Responses of Monopiles
Under Different Loading Patterns

FSLS is defined as the magnitude of lateral load at the serviceability limit state (SLS)
of OWTs when the rotation of monopiles at the mudline reaches the 0.25 degree.
Here, FSLS/Fult = 0.32 (FSLS is 3.06 MN and Fult is 9.64 MN). In the following
section, different patterns of lateral cyclic loads will be applied to the monopiles,
and the load magnitude will be set with reference to FSLS. The three-dimension finite
element model in Sect. 4.2 above is still used to investigate the impact of different
loading patterns on lateral responses of large-diameter monopiles.

4.3.1 One-Way Cyclic Loading

Different patterns of load-time histories for one-way cyclic loading are shown in
Fig. 4.8. Five semi-sinusoidal cyclic loads with different amplitudes of 0.1, 0.3,
0.5, 0.7, and 0.9 times FSLS is set, as shown in Fig. 4.8a. In Fig. 4.8b, the loads’
magnitude after unloading is 0, 0.1, and 0.2 times FSLS, respectively. In Fig. 4.8c,
the variable-amplitude cyclic load is set with the amplitude ranging from 0.1 to 0.9
times FSLS.

Figure 4.9 shows load-rotation and rotation-time curves of monopiles under
various levels of one-way loading shown in Fig. 4.8a. The load-rotation curves show
significant nonlinear hysteretic characteristics during cyclic loading. For any given
loading level, the rotation angle increases with the number of loading cycles. We
define the rotation that can be recovered after unloading as cyclic rotation, the unre-
coverable rotation as permanent rotation, and the maximum value of rotation as the
peak rotation, as shown in Fig. 4.10. Obviously, the peak rotation equals to the sum
of cyclic rotation and permanent rotation. It can be seen that the cyclic rotation is
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Fig. 4.8 Various load-time histories for one-way cyclic loading

significantly smaller than the permanent rotation in Fig. 4.9b; hence, the gradual
increasing permanent rotation is the main reason for reaching the allowable value of
serviceability limit state during the design life of the OWT. In addition, both cyclic
rotation and permanent rotation increases with the level of loading, and the perma-
nent rotation increases more significantly than the cyclic rotation. Obviously, the
higher the cyclic load level, the less the number of loading cycles for reaching the
serviceability limit state. For the case of soil and pile in this study, when the load
level exceeds 0.3 FSLS, the rotation will reach the serviceability limit state within
100 loading cycles. The accumulation of rotation is very slow within the load level
of 0.1 FSLS. The number of loading cycles due to winds and waves could exceed 108

over the lifetime of the OWT (Achmus et al. 2009). However, it is almost unrealistic
to complete the calculation of 108 cycles using the current three-dimensional finite
element method because of the huge calculation cost. Despite such limitations, the
method based on advanced soil model proposed in this chapter can help people better
understand the lateral cyclic behaviors of large-diameter monopiles.

Figure 4.11 shows the evolution of the bending moment and lateral deflection
profiles of monopile with increasing the number of loading cycles for the load level
of 0.3 FSLS. It can be seen from Fig. 4.11a that the bending moment increases
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Fig. 4.9 Load-rotation and rotation-time curves at themud surface under load-time histories shown
in Fig. 4.8a
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Fig. 4.10 Illustration of rotation angle of monopile at the mud surface

significantly when the loading cycles is less than 25, however, it tends to be stable
when the loading cycles are more than 25. The main reason is that lateral peak
soil resistance tends to be stable after a certain number loading cycles although the
deflection is still increasing, as shown in the cyclic p–y curve in Fig. 4.12. The lateral
deflection increases continuously with the loading cycles in Fig. 4.11b. There is a
zero deflection point and it gradually moves down with cyclic loading. The lateral
deflection increases inversely below this point. Similar results can be found at other
load levels. The predictions agree well with the findings of Achmus et al. (2009)
and Hong et al. (2017) for the semi-rigid pile exhibiting an intermediate behavior
between the flexible pile and the rigid pile.

Figure 4.13 shows load-rotation and rotation-time curves of monopiles under the
load-time history shown in Fig. 4.8b. It can be seen that the peak rotation is different
although the same peak load. In the first unloading, the greater the load reduction,
the smaller the permanent rotation. However, as the number of cycles increases,
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Fig. 4.11 Evolution of bending moment and lateral deflection with loading cycles (load level of
0.3 FSLS) for one-way cyclic loading
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Fig. 4.12 Typical cyclic
p–y curves
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the rotation accumulation is faster for the greater load reduction. When the number
of cycles reaches 100 (Time = 1000 s), the permanent rotation is almost the same
for these three cases, but the peak rotation is larger for greater the load reduction.
The main reason is that the reloading after each unloading will cause larger soil
cumulative plastic deformation and then lead to the greater cyclic rotation for the
greater load reduction.

Figure 4.14 shows load-rotation and rotation-time curves of monopiles under the
variable-amplitude one-way loading shown in Fig. 4.8c. It can be seen that nonlinear
hysteretic characteristics become more significant with the amplitude increasing
from 0.1 to 0.9 times FSLS. The peak rotation increases more significant rather than
permanent rotation. The gradual increasing peak rotation will cause the monopile to
reach the serviceability limit state during the design life of the OWT. It should be
noted that previous loading history has a certain influence on the rotation caused by
subsequent loading. The same load amplitude will cause greater peak rotation after
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Fig. 4.13 Load-rotation and rotation-time curves at the mud surface under load-time histories
shown in Fig. 4.8b



4.3 Predicting Lateral Cyclic Responses of Monopiles Under Different … 99

0.00 0.05 0.10 0.15 0.20 0.25 0.30
0.0

0.1

0.2

0.3

0.4

0.5

0.6

0.7

0.8

0.9

1.0
N

o
rm

al
iz

ed
 l

at
er

al
 l

o
ad

Rotation angle (°)

0 10 20 30 40 50 60 70 80 90
0.00

0.05

0.10

0.15

0.20

0.25

0.30

R
o
ta

ti
o
n
 a

n
g
le

 (
°)

Time (s)

(a) Load-rotation curves (b) Rotation-time curves

Fig. 4.14 Load-rotation and rotation-time curves at the mud surface under load-time histories
shown in Fig. 4.8c

experiencing the maximum load amplitude of 0.9 FSLS. However, the permanent
rotation will hardly increase as the load amplitude decreases gradually.

4.3.2 Two-Way Cyclic Loading

Different patterns of load-time histories for two-way cyclic loading are shown in
Fig. 4.15. Symmetric cyclic loads are set with five different amplitudes of 0.1, 0.3,
0.5, 0.7, and 0.9 times FSLS, as shown in Fig. 4.15a. Five loading cases are set for
asymmetric cyclic loading, the positive load amplitudes are 0.3FSLS for all cases, and
negative load amplitudes are set as 0, 0.1, 0.2, 0.3, and 0.4 timesFSLS, respectively, as
shown in Fig. 4.15b. The variable-amplitude cyclic loading is set with the amplitude
ranging from 0.1 to 0.9 times FSLS in Fig. 4.15c.

Figure 4.16 shows load-rotation and rotation-time curves of monopiles under
various levels of symmetric two-way loading shown in Fig. 4.15a. Being different
from the one-way cyclic loading, the rotation accumulates almost symmetric at both
the front and rear faces of the pile shaft during cyclic loading. When the load is
reduced to 0 during unloading, the cumulative rotation returns to 0. Hence, the peak
rotation almost equals to the cyclic rotation. The gradual increasing cyclic rotation is
the main reason for reaching the allowable value of serviceability limit state during
the design life of theOWT.The increasing cyclic rotation attributes to the degradation
of soil strength and stiffness with increasing the cycle number. Meanwhile, it also
indicates the ability of the soil constitutive model to simulate the cyclic degradation
properties. As the number of loading cycles increases, the nonlinear response of
monopiles becomes more and more significant. The straight line-shape of the cyclic
loops gradually changes to the S-shape, which is consistent with the computed results
of Heidari et al. (2014a, b). The main reason is that progressive gap forms at the
front and rear faces of the pile shaft during cyclic loading, which may lead to lateral
load deformation loops that are ‘pinched’ with relatively little hysteretic energy
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dissipation. Figure 4.17 shows that the bending moment and lateral deflection at both
the front and rear faces of the pile increase almost symmetrically with the number of
loading cycles (load amplitude of 0.3 FSLS). The magnitude of bending moment and
lateral deflection will increase significantly as the cyclic load level increases, but the
evolution law of them with the number of cycles has no significant changes.

Figure 4.18 shows load-rotation and rotation-time curves of monopiles under
various levels of two-way asymmetric loading shown in Fig. 4.15b (only the last 5
cycles for the rotation-time curves are plotted for clarity). It can be seen that the
accumulation of rotation is also asymmetric at the front and rear faces of the pile
shaft. The rotation accumulation is more significant at the side of larger load. The
load-rotation response on the negative side is almost linear when the negative load
amplitude equals to 0.1 FSLS. The nonlinear hysteretic characteristics become more
significant gradually with increasing the load level on the negative side. When the
negative load amplitude equals to 0.4 FSLS, the rotation accumulation on the negative
side is even more significant than that on the positive side. It is worth noting that the
negative loading seems to have a certain effect on the positive load-rotation responses.
The larger the negative load amplitude is, the smaller the positive peak rotation is. In
addition, the permanent rotation corresponding to lateral load of 0 gradually develops
to the negative side from the positive side as the negative load amplitude increases.

Figure 4.19 shows load-rotation and rotation-time curves of monopiles under
variable-amplitude two-way symmetric loading shown in Fig. 4.15c. The load-
rotation and rotation-time curves are basically symmetrical in the figures. Compared
with variable-amplitude one-way loading case shown in Fig. 4.14, themaximumpeak
rotation is basically the same as the former, but the permanent rotation is less than
the former. Due to the influence of previous loading history, the same load amplitude
before and after themaximum load amplitude of 0.9 FSLS causes different peak rota-
tions, which is similar to the one-way loading case. The reason may be that previous
loading causes the degradation of soil stiffness and strength, which will cause greater
peak rotation for the same load amplitude.

4.4 Summary

Cyclic lateral responses for large-diameter monopiles in clays under different
loading patterns are analyzed by three-dimensional finite element method. The key
conclusions can be summarized as follows:

(1) A three-dimensional finite element method for lateral cyclic responses of
large-diameter monopiles is proposed based on a simplified bounding surface
constitutive model of clay that has been embedded in the ABAQUS soft-
ware package. The applicability of this method is validated by simulating the
existing centrifugal model test. The method can predict the nonlinear hysteresis
responses of the monopile in clays during cyclic loading, and the evolution of
bending moment and lateral deflection profile of monopile with loading cycles.
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(2) For one-way cyclic loading shown in Fig. 4.8a, the cyclic rotation is significantly
smaller than the permanent rotation; hence, the gradual increasing permanent
rotation is the main reason for reaching the allowable value of serviceability
limit state during the design life of the OWT. The higher the cyclic load level,
the less the number of loading cycles for reaching the serviceability limit state.

(3) For symmetric two-way cyclic loading shown in Fig. 4.15a, the rotation accumu-
lates almost symmetric at both the front and rear faces of the pile shaft during
cyclic loading. The gradual increasing cyclic rotation is the main reason for
reaching the allowable value of serviceability limit state, which can contribute
to the degradation of soil strength and stiffness with the cycle number. The
nonlinear response of monopiles becomes more and more significant, and the
straight line-shape of the cyclic loops gradually changes to the S-shape as the
number of loading cycles increases.

(4) For the one-way loading shown in Fig. 4.8b, the rotation accumulation is faster
and the peak rotation is larger for the greater load reduction with increasing
the number of cycles although the same the peak load. The main reason is
that the reloading after each unloading will cause larger soil cumulative plastic
deformation and then lead to the greater cyclic rotation for the greater load
reduction.

(5) The simulation results for the two-way asymmetric loading indicate that the
negative loading seems to have a certain effect on the positive load-rotation
response. The larger the negative load amplitude is, the smaller the positive
peak rotation is.

(6) The simulation results for variable-amplitude one-way and two-way loading
indicate that previous loading history has a certain influence on the rotation
caused by subsequent loading. The same load amplitude will cause greater
peak rotation after experiencing the maximum load amplitude, which can be
attributed to the degradation of soil stiffness and strength caused by previous
loading.
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Chapter 5
Seismic Response of OWTMonopile
in Clays

The safe and stable operation of monopile offshore wind turbines (MOWTs) under
seismic and environmental loading is a major challenge facing designers. A numer-
ical method was developed for simulating the dynamic interaction of the soil-pile-
structure system by employing an elastoplastic bounding surface constitutive model
that can capture the cyclic degradation of clay stiffness well. Then, the suitability of
the method was validated by comparison with the existing simulation results in the
literature. The dynamic responses of MOWTs to seismic and environmental loading
were simulated by employing the above numerical method. The effects of soil plas-
ticity and stiffness degradation on the dynamic responses of MOWTs were investi-
gated. The influence of environmental loads on the seismic responses ofMOWTswas
also analyzed. It was found that the monopile experienced significant rotation and
settlement, and the soil plasticity and stiffness degradation significantly increased
the peak response of the lateral deflection, rotation angle and bending moment of
the MOWT under combined seismic and environmental loads. The input bedrock
peak acceleration was amplified to varying degrees from the monopile bottom to the
tower top, and the acceleration amplification along the height was the most signif-
icant overall when considering the soil stiffness degradation. Environmental loads
such as winds and waves significantly increased the absolute values of the seismic
response profile, including the deflection, rotation angle and bending moment, as
well as the acceleration amplification factor. The research results can support the
seismic design of MOWTs.

5.1 Introduction

Offshore wind power is now gaining attention because of its various advantages,
including high speed, low wind shear, low turbulence, and high output. The
urgent demand for wind power is promoting the development of offshore wind
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turbine (OWT) construction technology (Carter 2007). The design of the founda-
tion supporting an OWT is extremely important because it may account for as much
as 30% of the total cost of a typical offshore wind project (Oh et al. 2018; Wu et al.
2019). Nonetheless,monopile foundations remain by far themost popular foundation
type, as theywere used formore than 75%of the currently installedOWTs (Hamilton
et al. 2013; Esteban et al. 2015). In contrast to conventional piles, monopile founda-
tions supporting OWTs usually have large diameters ranging between 4 and 10 m,
and even larger diameters are being considered for future design.

In harsh offshore environments, monopile offshore wind turbines (MOWTs)
located in seismically active regions are susceptible to earthquakes, in addition to
environmental loads such as wind and waves (Zheng et al. 2015). Therefore, the
monopile experiences large overturning moments due to these loads. In the current
guidelines for OWTs, the requirements for the serviceability limit state (SLS) typi-
cally dominate the whole design (Arany et al. 2015; Liao et al. 2018). For instance,
the tolerance for permanent accumulated rotation of monopiles at the mudline is
specified as 0.25° in terms of the SLS (Det Norske Veritas (DNV) 2013). The ability
of monopile foundations to resist environmental and seismic loading is a major
challenge facing designers, which has also motivated many researchers to study the
dynamic responses of monopile foundations under these loads.

The existing research on large-diameter monopiles mostly focuses on long-term
lateral cyclic responses under wind and wave loads that are usually considered
quasistatic loads, ignoring the inertia effect due to their low frequency. Long-term
lateral cyclic loads lead to the degradation of the soil strength and stiffness, which
induces the accumulation of monopile deflections. To consider cyclic degradation,
some researchers have proposed a cyclic degradation factor related to the number
of cycles and the level of cyclic loads to improve the conventional p-y methods
(Rajashree and Sundaravadivelu 1996; Fan and Long 2005; Dewaikar and Patil 2006;
Zhu et al. 2017). Some researchers proposed a stiffness degradation model in which
the soil modulus around a monopile decreased gradually with the cycle number to
reflect the effect of cyclic loading on the soil stiffness (Achmus et al. 2009; Kuo
et al. 2011; Depina et al. 2015; Ma et al. 2017; Yang et al. 2018). The lateral cyclic
responses of monopiles have also been analyzed by the 3D finite element method
based on some advanced soil constitutive models (Bourgeois et al. 2010; Giannakos
et al. 2012; Corciulo et al. 2017; Hong et al. 2017; Kementzetzidis et al. 2019; Pisanò
2019; Chen et al. 2020a, b; Cheng et al. 2021; Kementzetzidis et al. 2021; Liu et al.
2022; Ding et al. 2023).

The consideration of seismic load as a part of the required load combination for
wind turbines has been highlighted in areas where seismic hazards are high (Prowell
and Veers 2009; Kaynia 2019). Different from wind and wave loads, the inertial
effect must be considered in the analysis of the seismic load due its high frequency
characteristics. Seismic centrifuge tests were performed for traditional and hybrid
monopile foundations supporting OWTs (Yu et al. 2015; Wang et al. 2019; Li et al.
2021). It was found that the monopile experienced a large tilt during an earthquake,
and the tower head experienced significantly amplified responses. Zheng et al. (2015)
conducted scaled shaking table model tests to investigate the dynamic behaviors of
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MOWT systems under joint earthquake and wave action and concluded that ignoring
the effect of wave action in seismic analysis will lead to underestimation of the
structural response. Anastasopoulos and Theofilou 2016 investigated the seismic
responses of hybrid monopile OWTs by employing 3D FE modeling and concluded
that seismic shaking might lead to a substantial accumulation of rotation and settle-
ment. Vacareanu et al. (2019) analyzed the seismic responses of MOWTs in a non-
liquefiable soil deposit via 3D FEmodeling incorporating the SANISAND bounding
surface plasticity model. Kaynia (2021) investigated the effect of kinematic interac-
tion on the seismic responses of the MOWT by using a rigorous numerical model.
The dynamic responses of OWTs subjected to combined wind, wave and earthquake
loads were investigated by performing numerical simulations (Wang et al. 2018;
Yang et al. 2019; Zhang et al., 2021a, 2021b; Xi et al. 2022).

The soil-structure interaction (SSI) plays a significant role in the seismic behavior
of OWTs, as it has a significant influence on the responses of the foundation and
superstructure and the natural frequency of the system. It is extremely important to
properly consider the interactions among the following three coupled subsystems:
the wind turbine structure, the monopile foundation, and the soil ground. In most
existing numerical simulation studies on the seismic response of MOWTs, the pile–
soil dynamic interaction was usually considered by employing a nonlinear Winkler
model with springs (p–y spring, t–z spring and Q–z spring) and dampers (Zhao and
Maisser 2006; Zhong et al. 2014; Kim et al. 2014; Sapountzakis et al. 2015; Zuo et al.
2018;Wang et al. 2018; De Risi et al. 2018; Ju and Huang 2019 Yan et al. 2021; Jiang
et al. 2021; Xi et al. 2021; Mo et al. 2021 Liang et al. 2022; Kementzetzidis et al.
2022). However, the nonlinear Winkler model is a simplified means of simulating
the pile-soil dynamic interaction; it ignores the soil continuity and is inadequate to
reveal the soil flow mechanism around piles during earthquakes.

The stiffness degradation of clays under dynamic loads will reduce the overall
stiffness of the MOWT system and then affect the soil–pile-structure dynamic inter-
action. However, most existing analysis methods based on the nonlinear Winkler
model do not accurately consider the impact of the stiffness degradation of clays
on the seismic dynamic responses of MOWT systems. In this chapter, the authors
developed and validated a numerical method for analyzing the dynamic interaction
of a soil-pile-structure system based on a simplified bounding surface model that
can capture the degradation of the soil stiffness. Then, the dynamic responses of the
MOWT system to seismic and environmental loading were simulated by employing
the above numerical method. The effects of soil plasticity and stiffness degradation
on the dynamic responses of MOWTs were investigated. The influence of environ-
mental loads on the seismic response of wind turbines was also analyzed (Cheng
et al. 2023).
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5.2 Numerical Method and Verification

Developing amethod capable of accurately analyzing the soil-pile-structure dynamic
interaction is crucial for assessing the seismic dynamic responses ofMOWTsystems.
In the following, a time-domain numerical method is developed based on the simpli-
fied version of single bounding surfacemodel of clay proposed by authors mentioned
in Chap. 2, and then its suitability is verified by comparison with the existing
simulation results in the literature.

5.2.1 Numerical Method

An example of a soil-pile-structure interaction system has been used to validate
numerical methods in previous studies (Maheshwari et al. 2004, 2005; Peiris et al.
2014). A 10 m long socketed pile with a square cross-section of 0.5 × 0.5 m was
used in these studies. The piles are made of concrete. Young’s modulus, mass
density and Poisson’s ratio are Ep = 25GPa, ρp = 2400 kg/m3, and vp = 0.25,
respectively. Young’s modulus of clay is Es = 11.78MPa, and its mass density is
ρs = 1610 kg/m3. The superstructure is a 6 m high rectangular column with a cross-
section of 0.75 × 0.5 m, which is placed on top of the pile. The total mass of the
column is 5400 kg, and its Young’s modulus is Ec = 25GPa.

A 3D finite element model was established by employing the ABAQUS software
package (Dassault Systemes Simulia Corp) to simulate the above soil-pile-structure
interaction system. Exploiting the symmetries of the geometry and loading condi-
tions, the model simulates only one half of the system, as shown in Fig. 5.1. The
length, width and height of the soil domain are 12 m, 4 m and 10 m, respectively. The
elements near the pile are maintained at a size less than one-tenth of the wavelength
that corresponds to the highest frequency, which is 20 Hz (Watanabe et al. 2017). The
pile, soils and superstructure were all simulated using 8-node linear brick elements
with reduced integration (C3D8R).

The pile-soil interaction was modeled by the contact pairs in ABAQUS. In this
approach, separation between the interface elements was allowed when they were
subjected to tension. When the two surfaces were in contact, the interface behavior
was governed by Coulomb’s law enforced through the penalty method. A Coulomb
frictional coefficient of 0.3 is adopted in this study. It should be emphasized that
the combination of friction contact and total stress models is a practical workaround
to consider the variation in the interface response with non-uniform soil strength
(a linearly increasing strength profile is used in the OWT system in Sect. 5.3) in
ABAQUS/Standard. A more appropriate and theoretically sound approach employs
an adhesive interface with a strength level proportional to that of the adjacent soils
(Huang et al. 2021).

Appropriate boundary conditions should be set to avoid the reflection of seismic
waves to simulate an infinite soil medium. Some artificial boundary conditions
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Fig. 5.1 Three-dimensional
finite element model for the
soil-pile-structure interaction
system

have been proposed, including viscous boundaries (Lysmer and Kuhlemeyer 1969)
and viscoelastic boundaries (Deeks and Randolph 1994). When using these artifi-
cial boundary conditions, it is often necessary to set springs and dashpots on the
boundary to characterize stiffness and damping and define relevant constants for
them. Although the calculation accuracy of these artificial boundary conditions is
relatively high, the numerical implementation is troublesome. In addition, the system
is also required to meet certain conditions, such as having a homogeneous and linear
elastic soil medium. In this study, a relatively simple and practical method was
selected to set boundary conditions. For the vertical boundaries, equivalent displace-
ment constraints were set to simulate seismic responses of infinite horizontal strata.
Nodes of the same height on both sides of the analytical region are bound together (the
displacement is always consistent), forcing the opposite vertical sides to move simul-
taneously, thus preventing any rotation (see Fig. 5.1) and eliminating the effect of
reflected waves (Tsinidis et al. 2014; Gao et al. 2021). In addition, normal horizontal
constraints were applied to the vertical face of symmetry to prevent out-of-plane
movement. The base boundary of the model was simulated as rigid bedrock, and the
top boundary was fully free.

The dynamic behaviors of clays were simulated by the single bounding surface
model above. The model parameters were A0 = 2 Su = 40 kPa, G = 4.15 MPa,
μ = 2, and ξ = 1. The Poisson’s ratio of the soil was set as 0.49 to simulate the
undrained behavior. The soil material damping ratio was assumed to be 5%. The
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pile behavior was simulated using a linear elastic constitutive model, and the pile
damping was considered negligible. Dynamic analysis was performed by following
two consecutive steps. Step 1: Gravity was applied to the soil domain to establish
the initial stress field; meanwhile, the initial displacement field was set to 0. Step
2: Dynamic loads (seismic excitations or harmonic excitations) were applied to the
bottom of the model, and the dynamic responses were calculated by the dynamic
implicit method.

5.2.2 Validation of the Numerical Method

The above numericalmethod can be verified by analyzing the following three aspects:
(a) free field response; (b) kinematic interaction for the soil-pile system; and (c)
coupling kinematic-inertial interaction for the soil-pile-structure system.

5.2.2.1 Free Field Response

Validation of free field motion was conducted only for the soil profile in the absence
of the pile and superstructure. A seismic excitation (El Centro Earthquake 1940
(N–S Component) with a peak ground acceleration of 0.32g, shown in Fig. 5.2a)
was applied to the base of the model. The calculated elastic free field response is
shown in Fig. 5.2b. For the same soil profile, Peiris et al. (2014) also performed the
calculation by using commercial software and general purpose FE software, and the
corresponding calculation results are shown in Fig. 5.2c. In their study, the “free
horizontal motion and zero vertical motion” boundary was adopted. Figure 5.2b and
c show that the current calculated results are in good agreement with those in the
literature, which demonstrates the rationality of the boundary conditions used in this
study.

5.2.2.2 Kinematic Interaction

Validation for the kinematic interaction was performed only for the soil-pile system
in the absence of the superstructure. In accordance with Fan et al. (1991), study a
sinusoidal excitation is applied to the base of the soil-pile system, which is described
by the following equation:

x(t) = A sin(ωt) (5.1)

where x(t) is the displacement, A is the displacement amplitude, ω is the angular
frequency and t is the time. Two dimensionless parameters were defined, namely,
the kinematic displacement factor Iu and dimensionless frequency a0.
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(a) Acceleration time history for the El Centro wave 
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Fig. 5.2 Comparison of free field response results obtained from the present study and Peiris et al.’s
study

Iu = ∣
∣Up

∣
∣/Uff (5.2)

where Up is the response of the pile head and Uff is the amplitude of the free field
motion.

a0 = ω · d
/

vs (5.3)

where ω is the circular frequency of sinusoidal excitation; d is the pile diameter
(section width in this study); and vs is the shear wave velocity of the soil.

The response at the pile head was calculated by employing both the elastic and
elastoplastic soil models, and the amplitude of the steady-state response at the pile
head was noted. Figure 5.3a shows the results of Iu for different a0 in this study.
Only the calculation results for a0 < 0.65 (ω < 10 Hz) are given in view of the
frequency range of greatest interest for earthquake loading. The idealized general
shape of Iu versus a0 for monopiles was proposed by Fan et al. (1991), as shown in
Fig. 5.3b. The prediction results agree with the literature results in the overall trend,
and both consist of three fairly distinct regions. Figure 5.3b shows a low-frequency
region (0 < a0 < a01) in which Iu ≈ 1, which means that the pile follows the ground
deformation in this frequency range. In this study, a01 is approximately 0.25, which
is within the range of 0.2–0.3 given by Fan et al. (1991). However, for the soil profile
in this study, Iu > 1, which in the relatively low-frequency region. The main reason
is that the amplification of the pile head displacement to the input displacement at
the bottom of the model is more significant than the free field amplification because
the pile stiffness is significantly higher than the clay stiffness (it can be regarded as
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Fig. 5.3 Comparison of the kinematic displacement factor Iu versus dimensionless frequency a0

soft clay due to the low wave velocity, which is 50 m/s). Therefore, the pile head
displacement is slightly greater than the free field displacement for elastic soil, and
this phenomenon was also observed in previous studies (Hussein and Naggar 2022).
When considering soil plasticity, the wave energy consumption is more significant
during the propagation of the sine wave, which leads to a relatively smaller free
field displacement. Therefore, compared with elastic soil, Iu is larger for plastic
soil. This means that the soil plasticity significantly enhances the pile head response
under low frequency. Then, there is an intermediate region (a01 < a0 < a02) where
Iu declines rapidly with frequency. Finally, Iu fluctuates around the mean value for
a relatively high frequency region (a0 > a02). The trend is also true for this study,
and the a02 values are approximately 0.45 and 0.5 for the elastic and elastoplastic
cases, respectively. This comparison also demonstrates that the proposed numerical
method can reasonably consider the kinematic interaction effects.

5.2.2.3 Coupling Kinematic-Inertial Interaction

Harmonic seismic excitations with different frequencies were applied to the base of
the soil-pile-structure system to validate the coupling kinematic-inertial interaction.
The responses at the pile head and at the top of the structure were calculated by
employing both the elastic and elastoplastic soil models. The ratio of the steady-
state response amplitude at the pile head and at the top of the structure to the input
bedrock motion amplitude is defined as the amplification factor; the amplification
factor versus the dimensionless frequency a0 is shown in Fig. 5.4a. Maheshwari
et al. (2004) performed finite element analysis for the same soil-pile-structure system
using an elastic model and HISS elastoplastic model (Wathugala and Desai 1993). In
addition, in their study, the frequency-dependentKelvin elements proposed byNovak
and Mitwally (1988) were used at the boundary to simulate an infinite soil domain.
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Fig. 5.4 Comparison of amplification factor versus dimensionless frequency for elastic and
elastoplastic soil models

Their results are shown in Fig. 5.4b. Both studies show that the soil nonlinearity
significantly increases the pile head response for low frequencies (a0 < 0.2); however,
for higher frequencies, the influence of soil nonlinearity is insignificant. It is also
noted that the structural response decreases significantly due to soil nonlinearity for
moderate frequencies (0.15 < a0 < 0.3), and for other higher or lower frequencies,
the influence of soil nonlinearity is insignificant. In the overall trend, the current
calculation results agree with Maheshwari et al.’s (2004) results, although there are
some quantitative deviations. The main reason for the deviations is the difference in
the numerical methods utilized, such as the boundary conditions and elastic–plastic
soil models.

5.3 Numerical Model of a Monopile Offshore Wind Turbine

The dynamic responses of MOWTs subjected to seismic and environmental loads
are simulated by employing the above numerical method. The setup of the 3D finite
element model for the MOWT system and the generation of loads are introduced.

5.3.1 Finite Element Model

A three-dimensional finite element model of the MOWT system is established
according to the specifications of a typical NREL offshore 5-MW baseline wind
turbine (see Table 5.1). A schematic of the main environment for the MOWT system
is shown in Fig. 5.5. The wind turbine and monopile are constructed from steel
with a Young’s modulus = 210 GPa, Poisson’s ratio = 0.3, and density = 8500 kg/
m3. The assembly of the rotor blades, nacelle, and hub weighs 4.6E5 kg (Jonkman
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et al. 2009). Exploiting the symmetries of the geometry and loading conditions, the
model simulates only one half of the system, as shown in Fig. 5.6 (a), to improve the
computational efficiency, while Fig. 5.6b displays the overall outline of the entire
MOWT system for clarity. The soil and MOWT structure are discretized by 22,837
8-node linear brick elements with reduced integration (C3D8R), while the blades,
hub and nacelle are discretized using 2797 quadratic tetrahedral elements (C3D10).
The setup of the 3D numerical model involving the main aspects, including the soil
domain size, space discretization and boundary conditions, is described in detail in
Appendix.

The material behavior of monopiles is linear elastic. The dynamic behavior of soil
was simulated by the simplified version of single bounding surface model proposed
by authors mentioned in Chap. 2. The soil model parameters used in the numerical
simulation are A0 = 2 Su (Su = 10 + 3z kPa, and z is the soil depth), G = 500 Su,
and μ = 2. The Poisson’s ratio of the soil is set as 0.49 to simulate the undrained
behavior. As mentioned in Chap. 2, parameter ξ controls the rate of modulus degra-
dation, and no cyclic degradation occurs when ξ = 0; otherwise, cyclic degradation
occurs, as shown in Fig. 2.11 of Chap. 2. To investigate the influence of soil plasticity
and cyclic degradation of soil stiffness on the dynamic response of MOWTs under
combined seismic and environmental loads, three working cases are set in the numer-
ical simulation, as shown inTable 5.2. ForCase 1, a linear elastic constitutivemodel is
adopted to simulate soil behavior. For both Case 2 and Case 3, an elastoplastic single
bounding surface constitutive model is adopted to simulate the nonlinear behavior
of the soil; however, cyclic degradation is not considered by setting ξ = 0 for Case
2, while it is considered by setting ξ = 2 for Case 3. To investigate the influence of
environmental loads on seismic dynamic responses, Case 4 is set as a comparison
with Case 3. Blade and the tower structural damping ratios of 2% and a soil damping
ratio of 5% are considered in the dynamic analysis.

Table 5.1 Dimensions of the
5 MW OWT model Property Symbol Dimension

Rotor diameter DR 126 m

Length of the tower LT 90 m

Length of the pile LP 75 m

Tower base diameter and thickness DT, TK 6 m, 3 cm

Tower top diameter and thickness DT, TK 3.87 m, 2 cm

Monopile diameter and thickness DT, TK 6 m, 6 cm

Length of embedded pile LEP 45 m

Mean sea depth Hw 20 m

Rotor mass MR 110,000 kg

Nacelle mass MN 240,000 kg

Blade overall mass MB 17,740 kg

Hub mass MH 56,780 kg
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Fig. 5.5 Schematic of the main environment of a 5 MW monopile offshore wind turbine in clay

Fig. 5.6 3D finite element model of a monopile offshore wind turbine in clay
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Table 5.2 Schedule of working cases in the numerical simulation

Working cases Loads Soil behavior Parameter ξ

Case 1 Combined seismic and
environmental loads

Elastic soil \

Case 2 Combined seismic and
environmental loads

Elastoplastic soil without cyclic
degradation

ξ = 0

Case 3 Combined seismic and
environmental loads

Elastoplastic soil with cyclic
degradation

ξ = 2

Case 4 Only seismic loads Elastoplastic soil with cyclic
degradation

ξ = 2

5.3.2 Loads on the MOWT System

The probability of an earthquake occurring at the same time as ULS (ultimate limit
state) winds and waves is extremely small (Kiyomiya et al. 2002). Earthquake forces
can be ignored when wind speed during storm conditions (ULS) is considered for
the OWT structural design. When strong earthquake events are adopted for the OWT
structural seismic design, it is reasonable to consider serviceability limit state (SLS)
winds andwaves in combinationwith earthquake events. Therefore, for the combined
seismic and environmental loading in this study, SLSwinds and waves were adopted.
It is assumed that the mean wind velocity at a height of 10 m V10 = 10 m/s, the
significant wave height H1/3 = 5 m, and the seismic peak ground acceleration PGA
= 0.3 g.

5.3.2.1 Wind Loads

The wind load applied to the OWT tower is a distributed force as represented by
(Binh et al. 2008)

Fsh(z) = 0.5ρaCD(V + v)D2 (5.4)

where ρa is the air density that is commonly assumed as 1.225 at 15 °C and 1 atm;
D denotes the diameter of tower; V (z) is the mean wind velocity; v(z, t) are the
fluctuating wind velocity; CD is the drag coefficient that is set as 1.2 in this study
(Det Norske Veritas (DNV) 2013). The OWT tower is divided into nine segments to
simplify the analysis, each with a length of 10 m. The drag force is considered to be
uniform for each segment. A reference point is set at the midpoint of each segment
that is coupled with the corresponding cross-section in the numerical model. The
wind load is applied to these reference points.

The wind load applied to the OWT blades is a thrust force at the tower top that
can be represented by Bernoulli’s equation (Lee et al. 2010):
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Fig. 5.7 Wind load time
history at the hub
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FT = 0.5ρaπR2
T V 2

s (1 + 2vs/Vs)CT (5.5)

where Vs is the mean wind velocity at the hub height; vs is the fluctuating wind
velocity; RT is the rotor radius; CT is the thrust coefficient and is set as 1 in this
research (Hansen 2008). FT is applied to the OWT hub center. The fluctuating wind
velocity is simulated using the Davenport wind speed spectrum (Davenport 1961)
and the autoregressive (AR) model (Iannuzzi and Spinelli 1987). Figure 5.7 presents
simulated typical wind loads time history at the OWT hub.

5.3.2.2 Wave Loads

Seawaves are irregular and random in shape, height, length and speed of propagation.
A real sea state is best describedby a randomwavemodel. In general, seawaves canbe
regarded as a stationary random process, which can be formed by the superposition
of many (theoretically infinite) cosine waves with different amplitudes, different
periods and different random initial phases. The sea surface elevation in the time
domain then can then be simulated as (Ren and Wang 2004):

η(t) =
m

∑

i=1

√

2Sηη(ωi)�ωi cos(ωit + εi) (5.6)

where η(t) is the instantaneous height of fluctuating water surface relative to static
water surface; m is the number of cosine waves; ωi represents angular frequency
for the ith component wave respectively; t is time and εi is an independent random
variable that represents the phase of each component wave uniformly distributed in
the range of [0, 2π].

Sea waves can be simulated by wave spectrum. The Pierson-Moskowitz spectrum
is used to simulate the stochastic wave elevation (Pierson and Moskowitz 1964), as
represented by
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Sηη(ω) = 0.78ω−5 exp
(

−3.11ω−4H−2
1/3

)

(5.7)

where H1/3 denotes the significant wave height.
The sea wave load applied to the tower can be calculated by using the Morison

formula. Based on that, the longitudinal sea wave load per unit length of the tower
can be calculated as:

f (z, t) = fD(z, t) + fl(z, t) (5.8a)

velocity force

fD(z, t) = φD · u(z, t)|u(z, t)| (5.8b)

inertia force

fI (z, t) = φM · ∂u(z, t)/∂t (5.8c)

where φD = ρCDD
/

2 and φM = πρCM D2
/

4; ρ is water density and equals to
1030 kg/m3; CD and CM are the drag and inertia coefficients, which equal 1.2 and
2.0 respectively; D is the tower diameter; u(z, t) and ∂u(z, t)/∂t are the horizontal
velocity and acceleration of the fluctuating water quality point at z position. They
can be simulated by, respectively:

u(z, t) =
m

∑

i=1

√

2Sηη(ωi)�ωiωi
cosh kiz

sinh kid
cos(ωit + εi) (5.9a)

∂

∂t
u(z, t) = −

m
∑

i=1

√

2Sηη(ωi)�ωiω
2
i

cosh kiz

sinh kid
sin(ωit + εi) (5.9b)

where d is the water depth, ki is the sea wave number.
The tower part in the water is divided into two segments; each is 10 m. In the

finite element model, a reference point is defined in each segment and coupled with
the cross-section of the corresponding segment, and then sea wave loads are applied
on these reference points. Figure 5.8 presents the simulated typical wave load time
history.

5.3.2.3 Hydrodynamic Pressure Caused by Earthquake

A vibrating tower in sea water will bear additional force due to hydrodynamic pres-
sure associated with its motion. The interaction between water and tower can be
simulated by the equivalent mass of water, that is, the additional mass method (Liaw
and Chopra 1974). The added mass of tower can be expressed by
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Fig. 5.8 Typical sea wave
load time history
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ma = CaApρw (5.10)

where Ca is the added mass coefficient and Ca = 1.0 in the simulation (Cao et al.
2020); ρw is the sea water density; Ap is the section area of the tower. In dynamic
analysis, the calculated mass of the tower part in water should be the sum of the
added mass and the actual mass of the tower.

5.3.2.4 Seismic Loads

The seismic record of Northern California is selected. The acceleration time history
and response spectra for this ground motion record are shown in Fig. 5.9. The peak
ground acceleration (PGA) is scaled to be 0.3 g. The bottom of the finite element
model is considered to be rigid bedrock, and the input ground motion is applied as
vertically propagating shear wave (SV-wave) represented by the acceleration time
history at the bottom of the model.
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Fig. 5.9 Acceleration time history and response spectra for the earthquake record
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5.4 Seismic Dynamic Response of Monopile Offshore Wind
Turbine

The dynamic responses of the MOWT, including the rotation angle, settlement,
deflection, bending moment and acceleration, etc., are analyzed. The effects of the
soil plasticity and stiffness degradation on dynamic responses under seismic and envi-
ronmental loads are clarified. The influence of environmental loads on the seismic
responses of MOWTs is also discussed.

5.4.1 Cumulative Rotation and Settlement

For the design of OWTs, the deformation of the foundation is of primary signifi-
cance rather than the ultimate capacity (Byrne et al. 2010). For the monopile, the
serviceability criterion of the deflection at the mudline should be less than 1/500 of
the embedment length (Germanischer 2010), and the permanent accumulated rota-
tion angle at the mudline should not exceed 0.25 degrees in the SLS of OWTs (Det
Norske Veritas (DNV) 2013). For the turbine tower, the maximum deflection at the
tower top should be limited to 1.25% of the tower height to avoid excessive motion
(Nicholson 2011).

Figure 5.10 shows the rotation angle time history of the monopile section at the
mudline under different working cases. It can be observed that the monopile experi-
enced significant rotation under all working cases. Herein, we define the rotation that
can be recovered after unloading as the vibration rotation (or temporary rotation),
the unrecoverable rotation as the permanent rotation, and the sum of the two as the
peak rotation, as shown in Fig. 5.10b. Figure 5.10a shows the influence of soil plas-
ticity on the rotation angle time history under combined seismic and environmental
loading. The rotation angle corresponding to Case 1 is significantly smaller than
those of Cases 2 and 3, and the maximum peak rotation angle in the latter two cases
exceeds the limit of 0.25°. This demonstrates that the rotation of the monopile will be
underestimated when the soil plastic deformation is not considered. The comparison
of Cases 2 and 3 indicates that the cyclic degradation of soil stiffness will signifi-
cantly increase the rotation of the monopile; moreover, the increases in the vibration
rotation and peak rotation are more significant than that of the permanent rotation.
Figure 5.10b shows the influence of environmental loads on the rotation angle time
history. Although instantaneous reverse rotation (positive rotation angle) occurs, the
rotation angle of the monopile will gradually accumulate in the negative direction
under only seismic loading (Case 4). The rotation angle corresponding to Case 3 is
significantly larger than that of Case 4, which demonstrates that the environmental
loads can aggravate the rotation caused by earthquakes.

Figure 5.11 shows the settlement time history of the monopile under different
working cases. The settlement of the monopile is almost 0 for elastic soil (Case 1),
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Fig. 5.10 Rotation angle time history of the monopile section at the mudline
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Fig. 5.11 Settlement time history of the monopile

as shown in Fig. 5.11a. Significant settlement occurs when considering soil plas-
ticity (Cases 2 and 3). The permanent settlement is significantly greater than the
vibration settlement, and the permanent settlement increases continuously during
the earthquake and eventually tends to be stable. It is noted that the settlement is
relatively larger when considering the cyclic degradation of soil stiffness (Case 3).
Figure 5.11b shows the influence of environmental loads on the settlement time
history. As expected, the environmental loads can also aggravate the settlement
caused by earthquakes, and hence, the settlement of the monopile for Case 3 is
larger than that for Case 4.

5.4.2 Peak Response Profile of the Monopile and Tower

Figure 5.12 presents the maximum deflection, rotation angle and bending moment
values at different elevations from the monopile bottom to the tower top under the
three working cases. It can be observed from Fig. 5.12a that lateral deflection mainly
occurs in the negative direction, while the value in the positive direction is very small.
The maximum deflection increases monotonically from the bottom to the maximum
value at the top. Compared with Cases 2 and 3, the lateral deflection profile for Case
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1 is relatively smaller in the negative direction but slightly larger in the positive direc-
tion (the values for Cases 2 and 3 almost reach 0). The comparison demonstrates that
the plasticity and stiffness degradation of the clay significantly increase themaximum
deflection. When considering soil stiffness degradation (Case 3), the peak deflection
at the tower top reaches 1.63 m, which exceeds the maximum allowable deflection
limit of the tower top (1.25% of the tower height). The deflection of the monopile at
the mudline reaches 20.6 cm, which exceeds the maximum serviceability criterion
of the deflection at the mudline (1/500 of the embedment length). As expected, the
rotation angle profile is similar to the deflection profile under three different working
cases, as shown in Fig. 5.12b, because the two are positively correlated, i.e., the
greater the deflection, the greater the rotation angle. Figure 5.13 shows the displace-
ment field of the MOWT system under three working cases at the moment when the
rotation angle of the monopile section at the mudline reaches the maximum value.
It is confirmed again that the soil plasticity and stiffness degradation significantly
increase the overall rotation and lateral deflection of the MOWT under combined
seismic and environmental loading.

The change trends of the positive and negative bending moment profiles with
height are similar but asymmetric, as shown in Fig. 5.12c. For the section above the
mudline, the variation trends of the maximum bending moment along the height are
similar for the three working cases, i.e., the maximum bending moment decreases
non-monotonically to almost 0 with height in the overall trend. However, there are
significant differences for the section below themudline. For elastic soil (Case 1), the
maximum bending moment occurs at the mudline; an inflection point (zero bending
moment point) appears at a certain position of the pile section, in which the bending
moment direction reverses.When considering soil plasticity (Cases 2 and3), the value
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Fig. 5.12 Influence of soil plasticity and stiffness degradation on the peak response profile of the
MOWT under combined seismic and environmental loading
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Fig. 5.13 Displacement field of the MOWT system under combined seismic and environmental
loading (amplification factor of 16)

of the maximum bending moment is larger and occurs at a certain position below the
mudline. As expected, the maximum bending moment is the largest when the soil
stiffness degradation is considered. Compared with elastoplastic soil, the stiffness
of elastic soil is greater, so the pile-soil relative stiffness is relatively smaller, i.e.,
the pile is more flexible, and hence, an inflection point appears in Case 1. On the
other hand, the soil plasticity is more significant when considering the soil stiffness
degradation, so the pile is relatively more rigid, and hence, the maximum bending
moment is also greater.

Figure 5.14 shows the influence of environmental loads on the seismic peak
response profile of the MOWT. The peak response profiles for Case 3 (combined
seismic and environmental loading) are significantly larger than those for Case 4
(only seismic loading) in the negative direction but are relatively smaller in the
positive direction. In general, environmental loads, such as wind and wave loads,
significantly increase the absolute values of the seismic maximum response profile,
including the deflection, rotation angle and bending moment, although they weaken
the response values in the opposite direction.

5.4.3 Acceleration Amplification

Figure 5.15 shows the acceleration time history at several different positions from the
pile bottom to the tower top under the three working cases. The input bedrock peak
acceleration is amplified to varying degrees. The amplified peak acceleration time
lags significantly behind the input bedrock peak acceleration time (see Fig. 5.9a).
The frequency of structural vibration decreases gradually as the height increases.
Compared with the elastic soil (Case 1), when soil plasticity is considered (Cases 2
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Fig. 5.14 Influence of environmental loads on the seismic peak response profile of the MOWT

and 3), the attenuation of peak acceleration with time slows down, and the duration
of the earthquake is prolonged.

Figure 5.16 presents the acceleration amplification factor profile along elevations
from the pile bottom to the tower top. The acceleration amplification factor is defined
as the ratio of the peak acceleration for a section of the MOWT to the input bedrock
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Fig. 5.15 Acceleration time history at several different positions from the pile bottom to the tower
top under the three working cases
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peak acceleration. For the section below the mudline, the acceleration amplification
factor increases monotonically for elastic soil, while it increases non-monotonically
for elastoplastic soil, as shown in Fig. 5.16a. The difference in the variation trendmay
be attributed to the pile-soil relative stiffness, i.e., as mentioned above, the pile for
elastic soil is relatively more flexible than that for elastoplastic soil. For the section
above the mudline, the variation trend of the acceleration amplification factor along
the height is similar for the three working cases, i.e., it increases gradually with
the height, reaches the maximum value at approximately 70 m above the mudline,
and then decreases gradually to the minimum value at the tower top. In general,
when considering the cyclic degradation of soil stiffness, the acceleration amplifi-
cation effect is most significant, and the maximum amplification factor reaches 7.2.
The small acceleration amplification at the tower top may be attributed to the large,
concentratedmass, including the nacelle and blade. Figure 5.16b compares the accel-
eration amplification factor profiles for Cases 3 and 4. This comparison shows that
the environmental loads increase the amplification of acceleration along the pile and
tower overall during an earthquake, and the increasing effect is more significant in
the middle section of the tower (50–80 m above the mudline).

To investigate the variation law of acceleration along the vertical and horizontal
directions of the soil layer, four column nodes from A1 to A4 and four row nodes
from B1 to B4 are selected, as shown in Fig. 5.17a. Figure 5.17b and c shows the
acceleration amplification factors for these nodes, i.e., the ratio of the peak accelera-
tion for any node to the input bedrock peak acceleration. For these four column nodes,
the amplification factor increases non-monotonically as the soil depth decreases in
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Fig. 5.16 Acceleration amplification factor along elevations from the pile bottom to the tower top
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the overall trend, as shown in Fig. 5.17b. When the depth of the soil layer is within
10 m below the mudline, the amplification factors for Columns A2 and A3 near the
pile side are greater than those for Columns A1 and A4 far from the pile side. This
phenomenon can be further confirmed by the amplification factor for the Row B1
nodes shown in Fig. 5.17c. For RowB1 at the mudline, the acceleration amplification
is more significant near the pile side, while for Rows B2 and B3 far away from the
mudline, this trend seems to be opposite. For RowB4 below the pile tip, the accelera-
tion amplification in the horizontal direction seems to be the same. This phenomenon
can be attributed to the influence of the pile-soil dynamic interaction near the pile
side. This dynamic interaction is most significant near the mudline, which causes
the lateral flow of soil to be more significant and enhances the acceleration ampli-
fication. However, the existence of piles actually hinders the horizontal movement
of soil, and the soil flow away from the mudline is not as significant as that close to
the mudline, so the acceleration amplification usually decreases near the pile side.
Obviously, there is almost no pile-soil dynamic interaction below the pile tip, so the
acceleration amplification is basically consistent in the horizontal direction, such as
in Row B4.

5.4.4 Soil Flow Mechanism

Figure 5.18 shows the typical displacement field of the soil domain under the three
working cases. For elastic soil (Case 1), the surface acceleration direction is oppo-
site to the soil layer movement direction, as shown in Fig. 5.18a. The movement
of the monopile and that of the soil layer are almost synchronous during the earth-
quake, whether the surface acceleration is positive or negative. Therefore, separation
between the pile and soil did not occur, and the soil layer mainly exhibited horizontal
displacement, while the vertical displacement was almost negligible. The movement
direction from the bottomof the soil layer to themudline is completely consistent, and
the displacement of the soil layer increasesmonotonically as the depth decreases. The
displacement reaches the maximum value at the mudline. Obviously, the displace-
ment of the pile top is greater than that of the pile bottom, and the displacement
difference between the two will cause a certain rotation of the pile section at the
mudline. The pile-soil dynamic interaction effect is relatively insignificant overall
for Case 1, which is mainly because the relatively high stiffness of elastic soil causes
the pile to be more flexible.

Compared with the elastic soil (Case 1), the displacement of the elastoplastic
soil layer (Cases 2 and 3) increases significantly. The movement of the pile and that
of the soil layer will no longer be synchronized when considering soil plasticity.
For the elastoplastic soil without consideration of the cyclic degradation of stiffness
(Case 2), the pile and the surrounding soil demonstrate a certain dynamic interaction
effect. The ground surface in the passive earth pressure area near the pile swells
due to the lateral pressure of the pile, while the ground surface in the active earth
pressure area settles due to lateral unloading, and a gap occurs between the pile and
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(a) Locations of the selected nodes
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Fig. 5.17 Acceleration amplification along the vertical and horizontal directions of the soil layer

soil, as shown in Fig. 5.18b. When the surface acceleration is negative (the left one
of Fig. 5.18b), the direction of movement of the soil layer along the depth is not
completely consistent. The soil layer near the surface in the passive earth pressure
area (left side of pile) moves in the positive x-axis direction, while the lower soil layer
moves in the negative x-axis direction. The maximum displacement of the soil layer
does not occur on the surface but at a certain depth below the surface. However, the
maximum displacement along the pile still occurs at the mudline. When the surface
acceleration is positive (the right image of Fig. 5.18b), the pile still moves in the
negative x-axis direction, which is consistent with the movement direction of the soil
layer, and the lateral displacement of the pile increases significantly.

For the elastoplastic soil considering the cyclic degradation of stiffness (Case 3),
the pile-soil dynamic interaction effect is the most significant, as shown in Fig. 5.18c.
The heave deformation of the ground surface in the passive earth pressure area
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Fig. 5.18 Typical displacement field of the soil domain (amplification factor of 16)

of the pile side and the settlement deformation in the active earth pressure area
become more significant, and the gap between the pile and the surrounding soil after
separation becomes larger. Compared with the elastoplastic soil without stiffness
degradation (Case 2), the influence rangeof the pile-soil dynamic interactionbecomes
larger. When the surface acceleration is negative (the left image of Fig. 5.18c), the
movement of the soil layer near the mudline is opposite to that of the pile; the
significant pile-soil interaction complicates the soil flow by forming a “vortex” flow
area on the left side of the pile. When the surface acceleration is positive (the right
one of Fig. 5.18c), similar to Case 2, the movement direction of the pile becomes
consistent with that of the soil layer. However, the ground surface in the passive
earth pressure area still has a significant upwards displacement component due to
the pile-soil interaction. In fact, the pile displacement always occurs in the negative
x-axis direction during an earthquake, and the rotation angle of the pile section at
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the mudline always accumulates in the counterclockwise direction, which can also
be confirmed by Fig. 5.12a and b. The soil plasticity is more significant when the
cyclic degradation of soil stiffness is considered, which will significantly increase
the dynamic interaction effect of the soil-pile-superstructure and then increase the
complexity of the soil flow.

5.5 Summary

Thedynamic responses ofMOWTs to seismic and environmental loading considering
the stiffness degradation of clay were investigated by performing 3D finite element
analysis. The key conclusions can be summarized as follows:

(1) A numerical method was developed for the interaction of the soil-pile-structure
system based on a simplified bounding surface constitutive model of clay that
can capture the stiffness degradation well. The numerical method can simulate
the (a) free field response, (b) kinematic interaction for the soil-pile system
and (c) coupling kinematic-inertial interaction for the soil-pile-structure system
well.

(2) The monopile experienced significant rotation and settlement under combined
seismic and environmental loading. The rotation and settlement will be under-
estimated if the soil plasticity is not considered. The cyclic degradation of soil
stiffness significantly increases the rotation and settlement. The environmental
loads can also aggravate the rotation and settlement caused by earthquakes.

(3) The maximum deflection and rotation angle increase monotonically from the
pile bottom to the maximum value at the tower top. The change trends of the
positive and negative bending moment profiles are similar but asymmetric. The
soil plasticity and stiffness degradation significantly increase the peak response
of the lateral deflection, rotation angle and bendingmoment of theMOWTunder
combined seismic and environmental loading.

(4) The input bedrock peak acceleration is amplified to varying degrees from the pile
bottom to the tower top. The amplified peak acceleration time lags significantly
behind the input bedrock peak acceleration time. The frequency of structural
vibration decreases gradually as the height increases. The acceleration amplifi-
cation along theheight is themost significant overallwhen thedegradationof soil
stiffness is considered. The acceleration amplification of the soil layer increases
non-monotonically as the soil depth decreases, and it is most significant near
the pile side at the mudline.

(5) Environmental loads. such as wind and wave loads, significantly increase the
absolute values of the seismic peak response profile, including the deflection,
rotation angle and bending moment. The environmental loads also increase the
acceleration amplification along the pile and tower during an earthquake, and
the increasing effect is more significant in the middle section of the tower.
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(6) For the elastic soil, the movement of the pile and that of the soil layer are almost
synchronous during the earthquake, and the effect of the pile-soil dynamic inter-
action is relatively insignificant because the relatively high stiffness of elastic
soil causes the pile to be more flexible. The movement of the pile and soil
will no longer be synchronized when the soil plasticity is considered. The
soil plasticity is more significant when considering the soil stiffness degra-
dation, which will significantly increase the dynamic interaction effect of the
soil-pile-superstructure and then increase the complexity of the soil flow.

Appendix

Setup of the Numerical Model for the MOWT System

(1) Soil domain size

A sensitivity study was conducted to establish the length, width and height of
the soil domain to eliminate the effects of the boundary on the results. Soil
domains with different sizes were meshed to calculate the dynamic responses
of monopiles under earthquakes. The size is considered to be appropriate when
it has little effect on the calculation results. Figure 5.19 shows various finite
element models with different soil domain sizes. Figure 5.20 shows the calcu-
lated rotation angle time histories of the monopile sections at the mudline for
different soil domain sizes. It can be observed from Fig. 5.20 that the rotation
angle (absolute value) increases slightly as the size increases. When the size
exceeds 120 m × 60 m × 69 m (Soil domain 3), it has little effect on the calcu-
lation results. Hence, a mesh size of 120 m × 60 m × 69 m (length × width ×
height) is considered sufficient to avoid boundary effects on the obtained results.

(2) Space discretization

To meet the requirements of computational accuracy, a suitable grid spacing
should be determined by considering the minimum relevant wavelength (or
highest frequency) of the input signal. The maximum grid size is usually less
than one-tenth of the minimum wavelength (Watanabe et al. 2017), as follows:

�x ≤ λmin

10
= Vs

10fmax
= 1.42m (5.11)

where �x is the maximum grid size; λmin is the minimum relevant wavelength;
f max is the highest frequency, and f max = 20Hz in this study;Vs is the shear wave

velocity of soil, and Vs =
√

G
/

ρ = 284 m/s, where the soil shear modulus G
= 46.3 MPa (average value of the soil layer along the pile shaft), and the soil
density ρ = 1628 kg/m3.
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Fig. 5.19 Various finite element models with different soil domain sizes

Fig. 5.20 Rotation angle
time histories of monopiles
at the mudline for different
soil domain sizes
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A sensitivity study was conducted by establishing 3D finite element models
with different grid densities (see Fig. 5.21) in view of the above requirement
for grid space. To improve the computational efficiency, a finer mesh is applied
near the monopile, where nonlinearity is expected to be more prominent, while
a coarser mesh is applied away from the monopile. The rotation angle time
history of the monopile section at the mudline computed by employing different
models is shown in Fig. 5.22. It can be observed that the rotation angle (absolute
value) increases as the grid density increases. Mesh C is found to be appropriate
because the calculation results do not change much when using a denser grid.
Therefore, the finite element model shown in Fig. 5.21c was selected as the
final calculation model considering computational accuracy and efficiency. In
addition, 8-node linear brick elements with reduced integration (C3D8R) are
used in the finite element calculation, which can effectively avoid volumetric
locking when the material behavior is (almost) incompressible.



136 5 Seismic Response of OWT Monopile in Clays

 

(a) Mesh A (number of elements=13849)    (b) Mesh B (number of elements=18365)    (c) Mesh C (number of elements=22837) 

  

(d) Mesh D (number of elements=31875)          (e) Mesh E (number of elements=43923) 

Fig. 5.21 Various finite element models with different grid densities

Fig. 5.22 Rotation angle
time histories of monopiles
at the mudline for different
grid densities
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(3) Boundary conditions

The specific settings of the boundary conditions for the finite element model are
shown in Fig. 5.23. For the two vertical boundaries parallel to the YOZ plane,
equivalent displacement constraints were set to simulate the seismic responses
of infinite horizontal strata. The nodes on both boundaries with the same height
are bound together (multipoint constraint (MPC) method), forcing the opposite
vertical sides to move simultaneously, thus preventing any rotation and elim-
inating the effect of reflected waves. Normal horizontal constraints (Y = 0)
were applied to the two vertical boundaries parallel to the XOZ plane. The base
boundary of the model is simulated as rigid bedrock, and the seismic accelera-
tion in the X-axis direction is applied to the bedrock (Y = Z = 0) and propagates
upwards.
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Fig. 5.23 Boundary conditions for the finite element model
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Chapter 6
Dynamic Responses of OWT Tripod Pile
in Clays

Tripod pile foundation is pursued as an efficient foundation system for offshore
wind turbines (OWTs) installed in deeper waters (20–50 m). In this application, the
foundations would be subjected to dynamic loads including due to wind, waves, and
earthquakes. This chapter presents a numerical method for analyzing the dynamic
responses of tripod pile foundation installed in clay based on a simplified bounding
surface model to capture the clay stiffness degradation. Their behaviors under lateral
monotonic, cyclic and seismic loads were investigated, and their bearing mechanism
was analyzed. The results revealed that the loading direction significantly affects
the ultimate bearing capacity of tripod pile foundation as the foundation capacity
results from either a Pile A in tension and a Pile B in compression or vice versa. The
evolution of axial force, bending moment and lateral displacement profiles of the
Pile A and Pile B with the number of cycles exhibit different characteristics under
lateral one-way and two-way cyclic loading. The foundation experiences cumulative
rotation angles toward the Pile A side under seismic load due to the lower vertical
bearing capacity of the Pile A compared to the Pile B. The tower top experiences
the maximum lateral displacement and rotation angle, and the top of tripod support
experiences the maximum bending moment. These findings should be considered in
the design of OWT tripod pile foundations.

6.1 Introduction

Numerous offshore wind farms are being planned worldwide to satisfy the growing
energy demand. Offshore wind turbines (OWTs) construction still encounters many
challenges due to the harsh offshore environment, which imposes complex loading
conditions due to wind, waves, current, and earthquakes. Therefore, the design of
OWT foundations is both challenging and economically crucial as it may account for
as much as 30% of the total cost of a typical offshore wind project (Oh et al. 2018;
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Wu et al. 2019). Nonetheless, monopile foundations remain by far the most popular
foundation type, as they were used for more than 65% of the currently installed
OWTs (Esteban et al. 2015). Compared with large diameter monopile foundation,
tripod pile foundation has great potential advantages for deep water (20–50 m) OWT
installation. It comprises the tripod support structure and three steel pipe piles of equal
diameter arranged in equilateral triangle (see Fig. 6.1). It has relatively large structural
stiffness, good overall stability, and a relatively simple construction process; and has
been used in major wind farm projects such as Alpha Ventus and Trianel Windpark
Borkum in Germany (Koh and Ng 2016).

In harsh offshore environment, OWTs located in seismically active regions are
susceptible to earthquakes, in addition to wind and waves loads. These loads may
cause the OWT foundation experience a large overturning moment, and therefore
induces excessive rotation angular displacement, which will affect the normal oper-
ation of the wind turbine, and may even cause overturning damage. In the current
guidelines for OWTs, the requirements for the serviceability limit state (SLS) typi-
cally dominate the whole design of foundations (Arany et al. 2015). For instance, the
tolerance for permanent accumulated rotation of monopiles at the mudline is speci-
fied as 0.25° in terms of the SLS (Det Norske Veritas (DNV) 2013). The ability of
foundations to resist environmental and seismic loading is a major challenge facing

Fig. 6.1 Schematic diagram of monopile and tripod pile foundation for OWTs
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designers, which has also motivated many researchers to study dynamic responses
of foundations under these loads.

Most existing research has focused primarily on large diameter monopiles. For
example, the long-term lateral cyclic responses of monopiles under wind and wave
loads have been studiedwidely. Field tests (Zhu et al. 2017;Xu et al. 2020), centrifuge
model tests (Jeanjean 2009; Zhang et al. 2011; Hong et al. 2017; Lai et al. 2020)
and scaled model tests (Liao et al. 2018; Li et al. 2021a) have been conducted to
study lateral cyclic responses of monopiles in clay. The lateral cyclic responses of
monopiles have also been analyzed employing three-dimensional (3D) finite element
simulations that incorporated some stiffness degradationmodels (Achmus et al. 2009;
Kuo et al. 2011; Depina et al. 2015; Yang et al. 2018 ) and advanced soil constitutive
models (Bourgeois et al. 2010; Giannakos et al. 2012; Ma et al. 2017; Corciulo et al.
2017; Chen et al. 2020a, b; Cheng et al. 2021; Wu et al. 2022; Ding et al. 2023).
In general, important achievements have been made on the bearing and deformation
characteristics of large-diameter monopile foundation under horizontal cyclic loads;
and good understanding was attained with regard to the factors that affect the cumu-
lative rotation angle, lateral deflection and bending moment of monopile with the
number of cycles, amplitude, frequency, and direction of the cyclic load.

For OWTs located in seismically active regions, the seismic loads should be
considered in their design (Kaynia 2019). Different from wind and wave loads, the
inertial effect of the seismic load must be considered in the analysis due its high
frequency characteristics. Seismic centrifuge tests of monopiles supporting OWTs
(Yuet al. 2015;Wanget al. 2019;Li et al. 2021b) indicate that they experience large tilt
during earthquakes, and the tower head experiences significantly amplified response.
Similarly, 3Dnumerical simulation results (Vacareanu et al. 2019;Cheng et al. 2023a)
indicate that earthquake loading leads to accumulation of monopile rotation and
settlement. Some studies have evaluated seismic vulnerability of monopile OWTs
employing the nonlinear Winkler foundation models to simulate pile-soil interaction
(Kim et al. 2014; De Risi et al. 2018). Mo et al. (2021) and investigated the influence
of seismic motion direction on the monopile seismic response while Kaynia (2021)
studied the influence of kinematic interaction on the monopile seismic response.
The dynamic responses of monopile-supported OWTs under the combined action
of wind, wave, and earthquake were investigated, and the effects of factors such as
wind, wave and seismic load intensity on the dynamic response of wind turbines
were evaluated (Zheng et al. 2015; Wang et al. 2018b; Yang et al. 2019; Zhang et al.
2021; Xi et al. 2022). Collectively, the above studies provided good understanding of
the seismic dynamic response characteristics of monopiles, including their bearing
capacity and deformation as well the influence of pile-soil interaction on the seismic
response of supported OWTs.

Different from the resistancemode of monopile foundation, multi-pile foundation
will withstand large overturning moment through axial resistance, i.e., axial push–
pull forces of individual piles as demonstrated in Fig. 6.1, in addition to horizontal
resistance (Lu et al. 2017). Some studies investigated the axial cyclic behavior of
multi-pile foundations through model tests (e.g., Jardine and Standing 2012; Tsuha
et al. 2012) and numerical simulations (e.g., D’Aguiar et al. 2011; Huang and Liu
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2015). These studies revealed that the pile shaft friction significantly affects the pile
axial dynamic response. Therefore, the pile-soil interface behavior was investigated
through interface shear tests, and the evolution mechanism of soil-pile interface
strength was evaluated (Liu et al. 2019; Zhou et al. 2020a, b). However, each pile of
multi-pile foundation experiences axial and horizontal loads simultaneously, so it is
prudent to study the overall dynamic response of the multi-pile foundation.

The overall dynamic response of four-pile foundation of jacket OWTs under
horizontal cyclic loads were studied through centrifugal model tests (Kong et al.
2019) and numerical simulations (Wei et al. 2013). In addition, Wang et al. (2020)
studied the evolution characteristics of natural frequency and cumulative tilt of four-
pile foundation of jacketOWTs under long-termhorizontal cyclic loads.Abhinav and
Saha (2018) investigated the response of a jacket supporting a 5-MWOWT under the
hydrodynamic and aerodynamic loading by incorporating soil-structure interaction
using a Winkler-spring model. Ma et al. (2018) studied the impact of scouring on
the dynamic response of tripod pile foundations of OWTs by conducting 3D finite
element simulation. Asumadu et al. (2022) investigated the wave-induced oscillatory
seabed response around the tripod pile foundation of OWTs by using an integrated
3D numerical model.

In conclusion, the dynamic responses of OWT monopile foundations to wind,
wave and earthquake loads is well investigated. However, studies on the dynamic
response of the OWT tripod pile foundations in clays are scarce, especially research
on their seismic response is rarely reported. In this chapter, a numerical method is
developed to analyze the dynamic response of OWT tripod pile foundations based on
a simplified bounding surface model to capture the clay stiffness degradation (Cheng
et al. 2023b). The developed model is then employed to investigate their behavior
under horizontal monotonic, cyclic and seismic loads, and establish their bearing
mechanism.

6.2 3D Numerical Model of Tripod Pile OWT System

6.2.1 3D Finite Element Model

Figure 6.2 presents the 3Dfinite elementmodel of the tripod pileOWT system,which
is established according to the specifications of the NREL offshore 5-MW baseline
wind turbine described in Table 6.1. The OWT is supported by a cylindrical tower
that connects with the three-pile foundation by a tripod; and a flange connects the
tower and tripod. The tower has a variable cross-section with diameter varying from
6m at the base to 3.87 m at the top and wall thickness varying from 0.03 m to 0.02 m,
respectively. The tower has a total height of 77.5 m, and its bottom is located 10 m
above mean sea level (MSL). The wind turbine, tripod support and pile foundation
are constructed from steel with Young’s modulus, Ep = 210 GPa and Poisson’s ratio
of 0.3. The steel density for the wind turbine is 7850 kg/m3, and the steel density of
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tripod support and pile foundation is 8500 kg/m3 (Jonkman et al. 2009). The rotor
blades, nacelle and hub are simulated as a lumped mass of 350,000 kg at the top
of tower, as shown in Fig. 6.2. Based on the results of a sensitivity study, the finite
element mesh size is set to 80 m× 80 m× 60 m (length× width× height) to avoid
boundary effects on the obtained results. The piles-tripod-OWT system is discretized
by 55,704 8-node linear brick elements with reduced integration (C3D8R). The soil
element size is chosen based on the soil shear wave velocity (vs) and the dominant
frequency ( f max) of the input groundmotion. Theminimum size (�l) of the elements
should be at least one-eights to one-tenth of the seismic wave length (λ) (Kuhlemeyer
and Lysmer 1973), i.e.,

�l =
(
1

8
− 1

10

)
λ =

(
1

8
− 1

10

)
vs
fmax

(6.1)

The pile-soil interaction is simulated utilizing the surface-to-surface contact
method. In the normal direction of contact surface, hard contact is set to allow separa-
tion between the interface elements when they are subjected to tension. The penalty
contact method is used in the tangential direction; when the two surfaces are in
contact, the interface behavior is governed by Coulomb’s friction theory. The critical
friction shear stress at the contact surface can be expressed by τcrit = μ · pc in terms
of frictional coefficient μ (0.4 is set in this study) and contact pressure pc. When the
shear stress at the contact surface exceeds τcrit, tangential slip occurred.

The model base boundary is simulated as rigid bedrock, and the top boundary is
free surface. In the static analysis, horizontal constraints are applied to the vertical
boundaries, while equivalent displacement constraints are set in the seismic dynamic

Fig. 6.2 3D finite element model of a tripod pile OWT system in clay
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Table 6.1 Dimensions of the 5 MW OWT model

Property Symbol Dimension

Rotor diameter DR 126 m

Length of the tower LT 77.5 m

Length of the pile LP 40 m

Tower base diameter and thickness DT, TK 6 m, 3 cm

Tower top diameter and thickness DT, TK 3.87 m, 2 cm

Pile diameter and thickness DT, TK 2.4 m, 3 cm

Main tubular diameter and thickness DT, TK 3–6 m, 6 cm

Diagonal brace diameter and thickness DT, TK 2 m, 3 cm

Mean sea depth Hw 40 m

Mass M 350,000 kg

Table 6.2 Material parameters of soil layers

Effective density (kg/m3) Poisson’s ratio Su (kPa) G (kPa) A0 (kPa) μ ξ

800 0.49 20 + 2z 167 Su 2 Su 2 1

analysis to simulate the seismic responses of infinite horizontal strata. The nodes
on both boundaries with the same height are bound together (multipoint constraint
(MPC) method), forcing the opposite vertical sides to move simultaneously, thus
preventing any rotation and eliminating the effect of reflected waves (Tsinidis et al.
2014; Cheng et al. 2022).

The simplified version of single bounding surface model proposed by authors
mentioned in Chap. 2 is adopted in the present simulation. The model can capture
complicated nonlinear response of soil under dynamic loads by accounting for the
nonlinear hysteresis, plastic strain accumulation, and cyclic degradation characteris-
tics. In this study, Su varied linearly with soil depth z, as represented by Su = 20+2z
(z is soil depth). The material properties of soil layers are described in Table 6.2.
The soil Poisson’s ratio is set as 0.49 to simulate undrained behavior. In addition, the
structural damping ratios 0.43% (Jonkman et al. 2009) and the soil damping ratio of
5% are considered in numerical simulation.

6.2.2 Natural Vibration Frequency of OWT

The first natural frequency of the OWT system including the foundation governs
its dynamic behavior. The closeness of the tower frequency to excitation frequen-
cies of the wind and waves loading could lead to large-amplitude responses of the
structure. This must be avoided to prevent accelerated fatigue damage. In particular,
there are two important frequencies associated with the OWT operation: the rotor
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Fig. 6.3 Natural vibration frequency of NREL 5 MW OWT

rotation frequency, known as 1P frequency; and the frequency of three blades passing
through the tower, known as the 3P frequency (see Fig. 6.3). These two frequencies
correspond to the specific model of the OWT. For conventional OWT foundations,
resonance avoidance is generally achieved by using a soft-stiff design, i.e., the first
natural frequency of the structure is set between the 1P and 3P by adjusting the
foundation stiffness. The size of tripod pile foundation in the finite element model is
determined by multiple trial calculations to ensure that its natural frequency meets
the requirements of engineering design. In the trial calculation, modal analysis step in
ABAQUS was used to determine the vibration frequency of the OWT system, which
involved binding constraints to avoid contact nonlinearity in pile-soil contact. The
first natural frequency of the selected tripod pile OWT is 0.25 Hz, which is between
1 and 3P, and thus meeting the engineering design requirements.

6.3 Response of Tripod Pile Foundation Under Monotonic
Loading

Offshore wind turbines may be subjected to wind and wave loads in any horizontal
direction. Due to the asymmetric layout of the tripod pile foundation, the loading
direction will affect its bearing characteristics. The angle between the horizontal load
direction and the x-axis positive direction is defined as the loading angle, as shown
in Fig. 6.4. The direction of 0° and 180° are selected as two extreme loading cases
to discuss the impact of loading directions on the bearing capacity of tripod pile
foundation. Given the foundation equilateral triangular plan arrangement, the forces
applied on the two piles on the left side (Pile B and Pile C) are identical. Therefore,
only PilesA andB are discussed in the following text. In the finite element simulation,
the geostatic stress equilibrium analysis is applied first to establish soil initial stress
field and ensuring initial displacement field of nearly zero. The horizontal monotonic
load is then applied to Point D (see Fig. 6.2). The rotation angle of Point D represents
the rotation angle of the overall tripod pile foundation. To ensure normal operation
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of the wind turbine, the permanent accumulated rotation angle at Point D should not
exceed 0.25° in terms (i.e., Service Limit State (SLS)) (Det Norske Veritas (DNV)
2013).

3Dfinite element calculation result for a single pile is first comparedwith the tradi-
tional API p–y curve method (Recommended Practice and 2GEO 2014). Figure 6.5
shows the calculation results of the pile head load–displacement curve obtained by
two methods. As expected, the bearing capacity calculated by 3D finite element
method is higher than that obtained by p–y curve method. The main reason is that the
API p–y curve significantly underestimates the ultimate soil reaction and the initial
stiffness of soft clays. This comparison result is supported by previous research (Jean-
jean 2009; Zhu et al. 2017), which demonstrates the rationality of the 3D numerical
method in this study.

Figure 6.6a, b, and c, respectively, displays the load-rotation, load-vertical
displacement and load-lateral displacement curves for the Pile A and Pile B at the
mud surface and for Point D. Figure 6.6 demonstrates that the maximum rotation
angle reaches 6° which far exceeds the rotation angle limit of 0.25°. This means the

Fig. 6.4 Plan view of tripod
pile foundation

Fig. 6.5 Comparison of
calculation results between
3D finite element method
and API p–y curve method
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OWT would experience very large rotation, and the structure would fail. Figure 6.6a
shows that the increase in rotation becomes nonlinearly proportional to the load as the
horizontal load increases, indicating gradual degradation of soil stiffness. Regardless
of loading direction (0° or 180°), the cumulative rotation angles of Pile A and Pile
B are generally consistent. However, in the initial stage of loading, rotation angle
of Pile B under the same load is slightly smaller, which indicates the stiffness of
Pile B is slightly greater than that of Pile A, so Pile A is more likely to rotate at
lower load. In addition, under the same lateral load, for both Pile A and Pile B, the
corresponding rotation angle for 0° is larger than 180° loading, which indicates that
the bearing capacity of tripod pile foundation under 0° loading is smaller than for
180° loading. It is also observed that the rotation angle of Point D is larger than that
of Pile A and Pile B under the same horizontal load, which indicates the rotation
angle of the overall tripod pile foundation is larger than that of each pile.

Figure 6.6b shows that when loading is in 0° direction, Pile A experiences large
settlement, while the vertical displacement of the Pile B is insignificant; When
loading is along 180° direction, both Pile A and Pile B experience significant vertical
displacement, but Pile A experiences upward displacement, while Pile B experi-
ences downward displacement. This is because the Pile B has larger compressive
and uplift bearing capacities than Pile A. However, the rotation of the overall tripod
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pile foundation is mainly controlled by the pile compressive capacity. Obviously,
the compression bearing capacity of one pile (0° loading) is smaller than that of
two piles (180° loading), so the bearing capacity of tripod pile foundation under 0°
loading is smaller and hence the settlement difference is larger. In addition, regardless
of loading direction, the vertical displacement difference between Pile A and Pile
B increases gradually as the horizontal load increases. This increase in differential
vertical displacement between the two is themain reason for the overall rotation of the
tripod pile foundation. It is noted that when loading is along the 180° direction, Point
D initially experiences a slight downward displacement, and then gradual upward
trends because the Pile A experiences significant upward displacement. Meanwhile,
for loading along the 0° direction, the Pile A experiences a significant downward
displacement, which causes thewhole tripod pile foundation to rotatewith an obvious
downward displacement. Figure 6.6c demonstrates that for the same lateral load level,
the horizontal displacements for Pile A and Pile B at the mud surface and Point D
are greater for loading along the 0° direction than for loading in 180° direction.
No matter loading in 0° or 180°, the horizontal displacement at the mud surface of
Pile A and Pile B is basically the same, and both are much less than the horizontal
displacement at Point D. This is because Point D is 50 m above the mud surface,
where the rotation of the tripod support structure causes its horizontal displacement
to be more pronounced.

Figure 6.7a and b, respectively, shows the pile axial force and bending moment
profiles at the instant of peak horizontal load when the rotation angle of Point D
reaches 6°. For both 0° and 180° loading, the axial forces of PileA andPileB decrease
gradually with depth. For the case of 0° loading, Pile A is under compression, while
Pile B is under tension. The axial compressive force on Pile A is large with peak
value of 14.58 MN (absolute value), but the axial uplift force on Pile B is relatively
small with peak value of 2.07 MN, which further explains the significant settlement
of Pile A and the relatively small vertical displacement of Pile B. For the case of 180°
loading, the axial uplift force of Pile A and the axial compressive force of Pile B are
both relatively large, which explains the large upward and downward displacement
of the Pile A and Pile B, respectively. Figure 6.7b indicates that the bending moment
profiles for Pile A and Pile B have similar trends, reaching a maximum at about
10 m below the mud surface, and decrease to 0 at the pile base. For the same loading
angles, the bending moment direction of Pile A and Pile B is the same, and the peak
bending moment of Pile B is greater than that of Pile A; however, the difference
between the two is relatively small under loading in 0°.

6.4 Lateral Cyclic Responses of Tripod Pile Foundation

The structure ofOWT is usually subjected towinds and seawave loads that vary along
the height of the tower and the support structure. This article focuses on discussing
the bearing behavior of tripod pile foundations under lateral cyclic loads. For the
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Fig. 6.7 Axial force and bending moment profile of pile at peak horizontal load

convenience of calculation, the distributed load that varies along the height is simpli-
fied as a point load applied to Point D at the bottom of the tower. This simplification
pattern has been adopted by many scholars (e.g., Bourgeois et al. 2010; Giannakos
et al. 2012; Hong et al. 2017). FSLS is defined as the horizontal load when the rota-
tion angle of Point D reaches 0.25° (i.e., the limit rotation angle of SLS), which
is found to be FSLS = 1.9 MN for the considered piles-soil system. FSLS is used
as a reference to determine the cyclic load level. Horizontal one-way and two-way
cyclic loads of 0.4 FSLS are applied to Point D in two separate analyses. The loading
angle of one-way cyclic load is 0° (the most unfavorable direction, with the lowest
ultimate bearing capacity); the two-way cyclic load is alternately applied in 0° and
180° directions. The schematic diagrams of one-way and two-way cyclic load time
histories are shown in Fig. 6.8a and b respectively. The cyclic response of tripod pile
foundation under the two different loading patterns is discussed below.

L
at

er
al

 l
o
ad

 

Time

0.4F
SLS

0.4F
SLS

L
at

er
al

 l
o
ad

0.4F
SLS

Time

(a) One-way cyclic loading                   (b) Two-way cyclic loading 

Fig. 6.8 Schematic diagram of load time histories for two different cyclic loading patterns
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6.4.1 One-Way Cyclic Loading

Figure 6.9 shows the response curves of tripod pile foundation subjected to one-way
cyclic loading. In Fig. 6.9a, the load-rotation angle curves exhibit some nonlinear
hysteresis characteristics under one-way cyclic loading. In the first loading cycle,
when the load reaches its peak, rotation angle of Pile A is significantly greater than
that of PileB. This is because the bending stiffness of PileA is smaller than that of Pile
B. The load-rotation angle curve of Point D indicates that the tripod pile foundation
experiences cumulative rotation under the lateral cyclic load. The rotation that can be
recovered after unloading is denoted herein as temporary rotation, the unrecoverable
rotation as permanent rotation, and the maximum value of rotation as peak rotation.
The peak rotation is equal to the sumof the temporary rotation and permanent rotation
as shown in Fig. 6.9b. The rotation angles of Pile A, Pile B and Point D accumulate
as the number of cycles increases. The peak rotation angle at Point D is the highest,
followed by Pile A, and the minimum for Pile B.

Figure 6.9c shows that both Pile A and Pile B experience cumulative settlement
as the number of cycles increases, and the cumulative settlement of Pile A is much
greater than that of PileB.The gradually increasing cumulative differential settlement
between the two, which is mainly caused by the cumulative settlement of Pile A
rather than Pile B, causes the rotation of tripod pile foundation under lateral cyclic
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Fig. 6.9 Response of tripod pile foundation subjected to one-way cyclic loading
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loads. This is because the compressive capacity of Pile A is relatively small. It
should be noted that at the initial stage of cyclic loading, Pile B experiences slight
upward displacement; however, as the number of cycles increases, the downward
displacement of Pile B gradually increases, and eventually accumulative settlement
occurs. This is because the overturning moment generated by the horizontal load
causes an upward load on Pile B, which is smaller than the weight of the wind turbine
structure, so the resultant vertical force on the Pile B is still downward. In addition,
the vertical temporary displacement of Pile A is obviously greater than that of Pile
B, because the vertical bearing capacity of Pile A is smaller than that of Pile B, and
the upward and downward displacement is more likely to occur under reciprocating
loads. The vertical temporary displacement of Point D is insignificant, and mainly
experiences vertical cumulative settlement. As shown in Fig. 6.9d, both Pile A and
Pile B experience small horizontal displacement as the number of cycles increases,
and their horizontal displacement is almost the same (Pile A is slightly larger). The
temporary and cumulative horizontal displacements of PointDare significantly larger
than those of Pile A and Pile B, which indicates that the pile foundation and tripod
support structure rotate significantly during loading. It is noted that for individual
pile, vertical displacement is more significant than horizontal displacement, while
for Point D, horizontal displacement is more significant than vertical displacement.

Figure 6.10a–f shows the evolution of axial force, bending moment and lateral
displacement profiles of the piles at peak horizontal load as the number of cycles
increases. Figure 6.10a demonstrates that the axial force of Pile A gradually
decreases, while axial force of Pile B gradually increases. The pile axial force is
related to the weight of OWT and the pile-soil friction resistance. When the pile
is pulled, pile axial force is equal to the weight of OWT plus the pile-soil friction
resistance; when the pile is under compression, the pile axial force is equal to the
weight of OWT minus the pile-soil friction resistance. The Pile A is under compres-
sion while the Pile B is pulled (despite the total displacement is downward) at peak
horizontal load. The soil strength and stiffness degrade gradually as the cycle number
increases, and then the permanent rotations of Pile A and Pile B gradually increase.
Correspondingly, the soil around the pile is subjected to greater passive pressure, and
hence the pile-soil frictional resistance increases. Figure 6.10b reveals that at depths
greater than 35 m, axial force of Pile B gradually decreases as the number of cycles
increases. This is due to the reversal of the pile-soil frictional resistance below this
depth. Figure 6.10c and d shows the bending moments of Pile A and Pile B gradually
increase as the number of cycles increases. Figure 6.10e and f demonstrates that the
maximum horizontal displacement of piles occurs at the mud surface, and gradually
increases as the number of cycles increases and the piles curvature becomes more
significant. In addition, the horizontal displacement at the mud surface of Pile A is
slightly larger than that of Pile B, which can be attributed to the relatively small
bending stiffness of Pile A. Figure 6.11 shows the displacement field of tripod pile
foundation at peak horizontal load for different cycle number. Figure 6.11 presents
the evolution of displacement for the Pile A and Pile B and the relative motion



156 6 Dynamic Responses of OWT Tripod Pile in Clays

between piles and soil. The observed increase of peak bending moment and hori-
zontal displacement of piles with the number of cycles can be attributed to soil
stiffness degradation around pile gradually.

6.4.2 Two-Way Cyclic Loading

Figure 6.12 displays the response curves of tripod pile foundation subjected to two-
way cyclic loading. Figure 6.12a clearly indicates that the Pile A, Pile B and Point
D all experience positive permanent rotation angle (positive direction of x-axis in
Fig. 6.4), i.e., the tripod pile foundation rotates toward the Pile A side. In the first
loading cycle, rotation angle of Pile A is significantly greater than that of Pile B under
positive and negative peak loads, which can be attributed to the relative weak bending
stiffness of Pile A. When lateral load changes from positive to negative (approach
to 0), the growth rate of rotation angle suddenly accelerates, and load-rotation angle
curve shows a certain degree of deflection, which is due to the separation between
the pile and soil.

Figure 6.12b shows more clearly that Pile A, Pile B, and Point D all experience
significant temporary rotation angle and some permanent rotation angle. Peak rota-
tion angle and cumulative rotation angle at Point D are the largest, and peak rotation
angle and temporary rotation angle of Pile A are greater than those of Pile B. It is
worth noting that as the cycle number increases, the peak rotation angle and cumula-
tive rotation angle reach the maximum value when the load cycles are approximately
40 times, and then gradually decrease; the tripod pile foundation exhibits a favorable
feature of “self-healing”, i.e., the reduction of accumulated rotation, which agrees
with the results on cyclic behavior of tripod suction bucket foundation obtained by
Wang et al. (2018a). Figure 6.12c shows that cumulative settlement of Pile A, Pile
B and Point D gradually increases with the cycle number increases, and cumulative
vertical displacement and temporary vertical displacement of Pile A are larger than
those of Pile B. In addition, at the beginning of cyclic loading, settlement rate of Pile
A is faster than that of Pile B, and the settlement difference between the two gradually
increases; As the number of cycles increases, the settlement rate of Pile A gradually
decreases, and hence the differential settlement between the two gradually decreases,
which leads to gradual decrease in cumulative rotation angle of Point D after reaching
its peak, as shown in Fig. 6.12b. The vertical displacement of Point D is between that
of the Pile A and the Pile B; however the vertical temporary displacement of Point
D is very weak. This is because the projection of Point D on the horizontal plane
is located at the center of the tripod pile foundation, and hence it experiences very
weak alternating trend of uplift and compression during the rotation process of the
foundation.

Figure 6.12d shows that Pile A and Pile B experience insignificant horizontal
cumulative displacement under two-way cyclic loading; theymainly experience some
temporary displacement that gradually decreases as the cycle number increases. In
addition, Point D experiences significant temporary displacement and permanent
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Fig. 6.10 Evolution of axial force, bending moment and lateral displacement profiles of pile at
peak horizontal load as the number of cycles increases.
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(a) N=1                                                   (b) N=20 

(c) N=60                                                   (d) N=100 

Fig. 6.11 Displacement field of tripod pile foundation at peak horizontal load for different cycle
number

displacement, and the temporary displacement is greater than the permanent displace-
ment. However, horizontal displacement gradually decreases after reaching the peak
value, which indicates that the reciprocating vibration of the tripod pile foundation
in the horizontal direction gradually weakens after a few load cycles. That is the
tripod pile foundation seems to be more difficult to rotate. This further verifies the
self-healing behavior of tripod pile foundation, which is related to the degradation
rate of soil around Pile A and Pile B during cyclic loading.

Figure 6.13a–f presents the evolution of the piles axial force, bending moment
and lateral displacement profiles at positive and negative peak horizontal load as the
number of cycles increases. Figure 6.13a and b indicates that as the number of cycles
increases, axial force of Pile A gradually decreases, while that of Pile B slightly
increases (below 35 m depth), which is consistent with the results of one-way cyclic
loading. However, the axial force (absolute value) of Pile A at the positive peak load
(Pile A under compression) is significantly greater than that at the negative peak
load (Pile A under uplift) and decreases more significantly as the number of cycles
increases. Compressive axial force of Pile B at the negative peak load is significantly
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Fig. 6.12 Responses of tripod pile foundation subjected to two-way cyclic loading

greater than that the uplift load it experiences at the positive peak load. The pile axial
force is more significantly affected by the number of cycles at depth greater than
35 m.

Figure 6.13c and d indicates that for both Pile A and Pile B, the corresponding
bending moment profile at the positive peak load is greater than the corresponding
value at the negative peak load. It is noted that the bending moment for Pile A and
Pile B does not increase monotonically with the number of cycles; it reaches the
peak value at a certain number of cycles then decreases gradually. This complex
trend is related to the non-monotonic increase of the pile rotation angle observed in
Fig. 6.12b. Figure 6.13e and f demonstrates that the maximum horizontal displace-
ments of Pile A and Pile B occur at the mud surface. As the number of load cycles
increases, the horizontal displacements gradually decrease, consistent with the lateral
displacement–time history presented in Fig. 6.12d. This behavior is opposite to the
variation trend of displacement profile under one-way cyclic load noted in Fig. 6.10e
and f.

Figure 6.14 displays the displacement field of tripod pile foundation at positive
and negative peak horizontal load for different cycle number. Figure 6.14 clearly
demonstrates that the horizontal displacements for both Pile A and Pile B decrease
gradually, but their vertical displacements increase significantly. Furthermore, the
vertical cumulative displacement of Pile A is greater than that of Pile B for both
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Fig. 6.13 Evolution of axial force, bending moment and lateral displacement profiles of pile at
positive and negative peak horizontal load as the number of cycles increases
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Fig. 6.14 Displacement field of tripod pile foundation at the instant of positive and negative peak
load for different cycle number

positive and negative peak horizontal loads, which means that the overall tripod pile
foundation gradually rotates toward the Pile A side.

6.5 Seismic Responses of Tripod Pile Foundation

The Kobe (KAKOGAWA (CUE90), 1995) and Northern California (Ferndale City
Hall, 1967) earthquake records are applied as the input ground motion. The acceler-
ation time history and response spectra for this ground motion record with the peak
ground acceleration (PGA) scaled to 0.3g are shown in Fig. 6.15. In this analysis, the
bottom of the finite element model is considered to be rigid bedrock, and the input
groundmotion is applied as vertically propagating shearwave (SV-wave) represented
by the acceleration time history at the bottom of the model. The seismic response of
the tripod pile OWT system is calculated, and the results are discussed herein.
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Fig. 6.15 Acceleration time history and response spectra for the earthquake record

6.5.1 Cumulative Rotation and Displacement

Figure 6.16a–c shows the time history curves of rotation angle, vertical displacement,
and lateral displacement of pile A and pile B at themud surface and of Point D for two
earthquake records, respectively. Figure 6.16a shows that all experience cumulative
rotation toward the pile A under seismic load. This is mainly due to the lower vertical
bearing capacity of Pile A compared to Pile B. The cumulative rotation angle of Pile
A is slightly larger than that of Pile B. It is worth noting that peak rotation angles
of Pile A and Pile B are larger than cumulative rotation angle and exceed 0.25°
(the SLS of rotation angle). As shown in Fig. 6.16b, the Pile A, Pile B and Point
D all experience significant cumulative settlement, and the settlement of Pile A is
greater than that of Pile B, which led to the rotation of the tripod pile foundation.
Fig. 6.16c shows that Pile A, Pile B and Point D all experience cumulative horizontal
displacement in the x-axis positive direction, and the cumulative displacement of Pile
A and Pile B are almost the same, while that of Point D is greater. The variation trend
of time history curves is basically consistent for two earthquake records; however,
the rotation angle and vertical displacement for Northern California earthquake is
larger than that for Kobe earthquake although both PGA are the same. The main
reason is that the duration of Northern California earthquake is longer than that of
Kobe earthquake.

6.5.2 Peak Response Profile of the Tripod Pile and Tower

Figure 6.17 presents the maximum lateral displacement, rotation angle and bending
moment at different elevations from the pile bottom to the tower top for Kobe
earthquake. As shown in Fig. 6.17a, the displacement in positive direction of x-
axis is significantly greater than that in negative direction of x-axis. The lateral
peak displacement of Pile A and Pile B are almost identical, and the lateral peak
displacement changes monotonically along the pile with a maximum value at the
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(c) Lateral displacement-time curve 

Fig. 6.16 Time history of rotation angle, vertical and lateral displacements of ‘Pile A’, ‘Pile B’ and
Point D for two earthquake records

mud surface. The lateral displacement along the tripod support and tower remains
almost unchanged with height, and the peak displacement at the tower top is the
largest. Figure 6.17b shows that rotation angle of Pile A is slightly larger than that
of the Pile B near the mud surface, and positive rotation angle is greater than nega-
tive rotation angle. The maximum peak rotation angles of both Pile A and Pile
B occur at about 25 m below the mud surface. The peak rotation angle of tripod
support and tower gradually increases with height, and the rotation angle of tower
top is maximum. Figure 6.17c shows that the profiles of positive and negative peak
bending moment are very similar. The pile peak bending moment increases non-
monotonically along the height, and the maximum peak bending moment occurs
at about 10 m below the mud surface. As the height increases, the tower bending
moment decreases gradually, and the value at tower top is almost 0. The bending
moment of tripod support increases significantly with height between 15 and 35 m,
and the peak bending moment of OWT reaches the maximum value at the top of
tripod support.
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Fig. 6.17 Peak response profile of tripod pile OWT from pile bottom to tower top

Figure 6.18 shows the displacement fields of OWT system at different times
during Kobe earthquake. Figure 6.18a shows the displacement fields when the tower
top reaches its maximum displacement. It is observed that the displacement increases
gradually from pile bottom to tower top, and the maximum displacement at tower top
reaches 0.52 m, which is less than the limit requirements of tower top displacement
(1.25%of tower height, i.e., 0.97m).Thewind turbine structure tilts obviously toward
the positive x-axis direction (Pile A side). Figure 6.18b displays the displacement
fields when the rotation angle at Point D reaches its maximum. It is observed that
the tower top displacement is less than its maximum, and the displacement changes
direction along the tower height. Also, the tripod pile foundation tilts toward to
the positive x-axis direction, while the tower top tilts toward to the negative x-axis
direction. Figure 6.18c shows the displacement fieldswhen the tower top acceleration
reaches its maximum; the displacement field is similar with that in Fig. 6.18b but
with larger tripod pile foundation rotation.

6.5.3 Acceleration Amplification

Figure 6.19a shows the acceleration time history at several positions from the pile
bottom to tower top for Kobe earthquake. The results indicate that the input bedrock
peak acceleration is amplified to varying degrees. The acceleration amplification
factor is defined as the ratio of the peak acceleration for a section of tripod pile
OWT to the input bedrock peak acceleration. Figure 6.19b presents the profile of
the acceleration amplification factor along elevations from the pile bottom to the
tower top. It should be noted that within the height range of the tripod support, the
position points on the main tubular were selected to determine the acceleration. The
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Fig. 6.18 Displacement fields of tripod pile OWT system at different times during earthquake
(amplified 10 times)

acceleration amplification factor of Pile B below the mud surface is significantly
greater than that of Pile A. However, the amplification factors at the mud surface and
pile bottom are almost equal. In addition, the variation of acceleration amplification
factor along the pile height is non-monotonic. Overall, the acceleration amplification
factor initially increases then decreases along the height above the mud surface.
The maximum amplification factor occurs at about 80 m. However, the acceleration
amplification factor at tower top is relatively small, which is attributed to the presence
of a large, concentrated mass at the tower top. Cheng et al. (2023a) reported similar
observation for monopile OWT.

6.6 Summary

This chapter investigated the response of tripod pile foundation for offshore wind
turbine in clays under monotonic loads, cyclic loads and seismic loads by performing
three-dimensional finite element analysis. A simplified bounding surface constitutive
model of clay has been incorporated in theABAQUSsoftware package to simulate the
degradation in clay stiffness and strength due to cyclic loading. The key conclusions
can be summarized as follows:

(1) The loading direction greatly affects the ultimate bearing capacity of tripod pile
foundation. The ultimate bearing capacity in the 0° loading direction (Pile A
under compression) is smaller than that in the 180° loading direction (Pile B
under compression) because the bearing capacity of tripod pile foundation is
determined by the pile compressive capacity.
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Fig. 6.19 Acceleration amplification effect at different positions from the pile bottom to the tower
top

(2) For one-way cyclic loading in the 0° direction, the cumulative settlement of Pile
A is much greater than that of Pile B, and the cumulative differential settlement
between the two increases gradually, which leads to the rotation of tripod pile
foundation. The axial force of Pile A decreases and the axial force of Pile B
increases. The bending moments of Pile A and Pile B gradually increase and
the piles curvatures become increase as the number of cycles increases.

(3) For two-way cyclic loading along 0° and 180° directions, the tripod pile founda-
tion exhibits a favorable feature of “self-healing” in accumulated rotation. The
Pile A and Pile B experience insignificant horizontal cumulative displacement
but experience a certain of horizontal temporary displacement that gradually
decreases as the number of cycles increases. The bending moments of Pile A
and Pile B do not increase monotonically with the number of cycles.

(4) Under seismic load, the Pile A, Pile B, and Point D all experience cumulative
rotation angles toward the Pile A side due to the lower vertical bearing capacity
of the Pile A compared to the Pile B. The tower top experiences maximum
lateral displacement and rotation angle, and the top of tripod support experiences
maximum bending moment. The acceleration amplification factor of Pile B
below the mud surface is significantly greater than that of Pile A. However,
amplification factor at the mud surface and pile bottom are almost the same.
The maximum amplification factor occurs at about 80 m above the mud surface.
The acceleration amplification factor at tower top is relatively small.
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There are still some limitations that need to be emphasized in this study. It should
be noted that the total stress-based bounding surface constitutive model was used to
describe the dynamic behavior of clay. The soil is assumed to be undrained during
the numerical calculation process. This assumption is relatively reasonable for short-
term dynamic loads such as earthquake, however, for long-termwind andwave cyclic
loads, the undrained assumption will result in conservative calculation results. In
addition, the influence of soil pore pressure on pile-soil dynamic interaction has
not been properly considered. It is worthwhile to conduct more in-depth research
employing effective stress-based constitutive models in subsequent work.
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Chapter 7
Seismic Responses of OWTMonopod
Suction Bucket in Clays

Suction buckets are widely used as foundations for offshore wind turbines because of
its many advantages such as simple structure, convenient installation, low construc-
tion cost and reusable. It is very essential to perform the seismic response analysis
of suction bucket foundations for the design of offshore wind turbines. However,
the related research is still relatively rare. In this chapter, three-dimensional finite
element analysis is performed to predict seismic responses of suction buckets for
offshore wind turbines in clays by using a simplified kinematic hardening constitu-
tive model available in the Abaqus library. The seismic bearing mechanism of bucket
foundation in clays is investigated, and various factors affecting seismic responses
of suction bucket are analyzed, including the soil strength, seismic intensity and
frequency, and bucket geometry. The research results can provide a reference for the
seismic design of suction bucket foundations for offshore wind turbines.

7.1 Introduction

Offshore wind energy has developed rapidly in recent years due to its abundant,
clean and renewable advantages. Related infrastructure construction is also rising on
a large scale along with the development of offshore wind energy resources (Perveen
et al. 2014). In the harsh marine environment, the offshore wind turbine not only
suffers from the long-term cyclic load such as wind, wave and current, but also the
accidental load such as earthquake and impact. The coupling effect of these loads
makes the offshore wind turbine bear huge overturning moment, and then causes
excessive rotation angle and settlement deformation, which will affect the normal
operation of the wind turbine, and even lead to the overall instability of the wind
turbine (Byrne and Houlsby 2003).

The selection of foundation is very important for the safe service and engineering
cost of offshore wind turbines. The depth of sea water and the engineering properties
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of seabed soil should be fully considered.At present, the foundation types for offshore
wind turbines include gravity foundations,monopiles, tripod foundations and suction
buckets.Among them, suction buckets are often installed in offshore soft clays seabed
with shallow water depth. Because of its simple structure, convenient installation,
low construction cost, reusable and strong anti-overturning moment, it is more and
more widely used in construction of offshore wind turbines (Houlsby and Byrne
2000).

So far, most researches have focused on analyzing the responses of suction bucket
foundation undermonotonic and cyclic loads such aswind,wave and current. Numer-
ical simulations or model tests were performed to study the ultimate bearing capacity
of suction bucket foundation under vertical loads, horizontal loads, bending moment
loads, and the combination of these loads (Sukumaran et al. 1999; Cao et al. 2003;
Maniar 2004; Monajemi and Razak 2009; Li et al. 2014; Ahn et al. 2014; Jin et al.
2019; Faizi et al. 2019). The bearing capacity, failure mechanism and load–displace-
ment responses of suction bucket foundation under cyclic loads induced by wind,
wave and current were also investigated by some researchers (Chen and Randolph
2007; Kim et al. 2014a; Cheng et al. 2018; Zhu et al. 2017; Chen et al. 2018; Gelagoti
et al. 2018; Guo et al. 2018; Zhang et al. 2019; Yin et al. 2020).

Kourkoulis et al. (2014) studied the influence of different soil-foundation inter-
face on seismic response of suction bucket foundation by using nonlinear three-
dimensional finite element analyses. Kim et al. (2014b) performed seismic fragility
analysis of 5 MW offshore wind turbine considering nonlinear soil-pile interaction
using nonlinear spring elements.Wang et al. (2017) investigated the seismic response
of suction bucket with different geometric design in dry sand and saturated sand. Li
et al (2017) performed a comprehensive analysis on the dynamic characteristics of
the umbrella suction anchor foundation based on the finite element programANSYS.
Yang et al. (2017) performed a three-dimensional dynamic finite element analysis
to predict the seismic responses of suction caisson foundation for an offshore wind
turbine located in a sandy seabed by using a unified plasticity model for the large
post-liquefaction shear deformation of the sand.

It is very essential to perform the seismic response analysis of suction bucket
foundation for the design of offshore wind turbine. However, the research on seismic
responses of suction buckets located in a clayey seabed is still relatively rare. In this
study, three-dimensional finite element analysis was performed to predict the seismic
responses of suction bucket by using a simplified kinematic hardening constitutive
model available in the Abaqus library. The seismic bearing mechanism of bucket
foundation in clays was investigated. Various factors affecting seismic responses
of suction bucket were analyzed, including the soil strength, seismic intensity and
frequency, and bucket geometry.
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7.2 Dynamic Kinematic Hardening Constitutive Model
of Undrained Clay

It is assumed that the behaviors of saturated clay foundations occur with no volume
change under undrained conditions because of low permeability when they are
subjected to rapid seismic loads. For this case, from the perspective of total stress,
the yielding of clays is independent of normal stress and only depends on deviatoric
stress (Prevost 1977; Anastasopoulos et al. 2011; Huang and Liu 2015). Hence, the
undrained dynamic nonlinear behavior of clays is modeled by a total stress-based
simple kinematic hardening model. The model is available in the Abaqus library and
has been used to the numerical simulation of soil-structure interaction under cyclic
or seismic loading (Anastasopoulos et al. 2011; Giannakos et al. 2012; Kourkoulis
et al. 2014). In the following sections, the basic relationship of the model is briefly
introduced, and then the method of determining model parameters and the predictive
ability of the model are discussed.

7.2.1 Basic Relationship of the Model

The Von Mises yield criterion is adopted in this model, as represented by Eq. (7.1)
(Boldface letters in bold denote tensors unless otherwise specified below).

F = f (σ − α) − σ 0 = 0 (7.1)

σ is the stress tensor; α is the backstress tensor; σ 0 is the yield stress, indicating
the size of the yield surface; f (σ − α) is the equivalent Mises stress with respect to
α, which is defined by Eq. (7.2).

f (σ − α) =
√
3

2

(
s − αdev

)(
s − αdev

)
(7.2)

where s is deviatoric stress tensor, and αdev is the deviatoric tensor of α.
Given the associated plastic flow, the plastic flow rate is defined as follows

ε̇pl = ˙̄εpl
∂f (σ − α)

∂σ
(7.3)

where ε̇pl is the plastic strain rate; ε̇
pl
is the equivalent plastic strain rate and ˙̄εpl =√

2
3 ε̇

pl ε̇pl .
The model combines isotropic hardening and kinematic hardening to describe the

cyclic response of soil. The isotropic hardening behavior is controlled by the yield
surface size σ 0, the evolution of σ 0 is related to the equivalent plastic strain εpl,
which can be expressed as
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σ 0 = σ |0 + Q∞
(
1 − e−bε−p1

)
(7.4)

where σ |0 is the initial yield stress, that is, the yield stress (or yield surface size) at
zero plastic strain; Q∞ and b are material parameters; (Q∞) is the maximum change
in the size of the yield surface, and b defines the changing rate of the yield surface
size as plastic straining increases.WhenQ∞ = 0 or b= 0, σ 0 = σ |0. At this case, the
yield surface size remains unchanged, and the model is simplified to pure kinematic
hardening model.

The kinematic hardening behavior is realized by the evolution of backstress α,
which can be expressed as follows

α̇ = C
1

σ 0
(σ − α)ε̇

pl − γrαε̇
pl

(7.5)

where C is the initial kinematic hardening modulus; γr determine the rate at which
the kinematic hardening moduli decreases with increasing plastic deformation, and
γrαε̇

pl
introduces the nonlinear characteristics into the kinematic hardening law.

Figure 7.1a and b illustrate the evolution of the isotropic and the kinematic hard-
ening components under uniaxial and multiaxial condition, respectively. As shown
in Fig. 7.1a, when the plastic strain is very large, σ tends to σmax (regardless of soft-
ening of soil strength), and α tends to the maximum value αs and αs = C

/
γr. On

the π plane shown in Fig. 7.1b, α represents the center of the yield surface, which
is always within the circle of radius

√
2/3C/γr. The yield surface is a circle with a

radius of
√
2/3 σ 0. In addition, any stress point on the yield surface must be within

the circle with a radius of
√
2/3 σmax, that is, this circle is actually the strength limit

surface of the material.
For undrained clay, the maximum yield stress σmax is as follows

σmax = √
3Su (7.6)

Fig. 7.1 One and three-dimensional representation of isotropic and kinematic hardening
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where Su is the undrained shear strength of clays.

7.2.2 Parameters Determination and Model Predictions

In order to simplify the calculation as much as possible, in this research, the consti-
tutive model only considers the kinematic hardening component refer to the existing
studies (Anastasopoulos et al. 2011; Kourkoulis et al. 2014). Hence, in this case, the
size of the yield surface represented by Eq. (7.4) remains unchanged and satisfies
σ 0 = σ |0. The constitutive model contains only three model parameters: σ |0, C and
γr. They can be determined as follows:

➀ The initial yield stress σ |0 actually represents the range of elastic domain of soil,
namely the size of the initial yield surface, which can usually be represented by
the following formula

σ |0 = λσmax = λ
√
3Su (7.7)

where the empirical value of λ is 0.1–0.3.
➁ The initial kinematic hardening modulus C represents the initial stiffness of the

soil, which is usually considered to be equal to the elastic moduli E. Empirically,
E can be taken as the multiple of undrained strength Su, that is,C = E = κSu, and
κ is empirically taken to be 300–1800 (Anastasopoulos et al. 2011). In addition,
when the shear wave velocity vs is known, the initial maximum shear moduli G0

can be obtained from the formulaG0 = ρv2s (ρ is the density of soil), and then the
hardening modulusC can be determined by the formula ofC = E = 2(1 + v)G0

(v is Poisson’s ratio).
➂ γr determines the decreasing rate of the kinematic hardening modulus with

increasing the plastic deformation, which can be determined by Eq. (7.8).

γr = C

αs
= C√

3Su − σ |0
(7.8)

Cyclic simple shear tests are simulated using above constitutive model based on
Abaqus software, and the simulation results are compared with test results to verify
the prediction ability of the constitutive model. The finite element model for cyclic
simple shear tests is shown in Fig. 7.2. The model is a cube with a side length of
10 cm. It is discretized by 8-node linear brick elements with reduced integration
(C3D8R). Fixed constraints are applied to the bottom boundary. The displacement in
Z and Y directions is 0 and only the movement along the shear direction (X direction)
is allowed on lateral boundaries. The cyclic displacement along the X direction is
applied on the top surface of the model to simulate the cyclic shearing process on
the displacement control mode.
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Fig. 7.2 Finite element
model for cyclic simple
shear tests

The undrained shear strength of clay Su = 20 kPa, and the constitutive model
parameter σ |0 = 0.1σmax = 3.46 kPa,C = 1440 Su = 28,800 kPa, γr = 924. Figure 7.3
shows the predicted stress–strain hysteresis curves under different amplitudes of
shear strain γ in the range of 0.0001–0.01. The predictions indicate that the model
can simulate the nonlinear and cyclic hysteresis characteristics of clays subjected to
cyclic shearing. The curves ofG/G0–γ and ξ–γ can be obtained based on the stress–
strain hysteresis curves under different strain amplitudes, as shown in Fig. 7.4. Here,
G/G0 is the shear modulus ratio, and ξ is the damping ratio. The maximum shear
modulus G0 is assumed to the value when the strain amplitude is below 10–6. The
corresponding test results under different strain amplitudes (Li et al. 2019) are also
shown in Fig. 7.4. It can be seen that the simulation results agree with the test results
in the overall. However, the predicted damping ratio is significantly larger than the
test results in the case of large shear strain amplitude (such as γ = 10–2), which is
mainly because the predicted stress–strain hysteresis loop is relatively “fatter” and
the corresponding hysteretic loop area is relatively larger. As a result, the damping
ratio is overestimated under the large strain amplitude when the above constitutive
model is adopted during numerical simulation.

If the undrained strength Su is known, the parameter γr can be determined
according to Eq. (7.8) after obtaining parameters σ |0 and C. The value of σ |0 and C
actually depends on the empirical coefficients λ and κ , respectively. In this research,
the effects of parameters σ |0 and C on numerical simulation results are discussed
by setting different λ and κ values. Figure 7.5 shows the comparison between test
results and predictions ofG/G0–γ and ξ–γ curves for the sameC (C = 1440 Su) and
different σ |0 (λ = 0.1, 0.2, 0.3). It can be seen that greater G/G0 and smaller ξ can
be obtained using greater σ |0 for the same γ , which causes the predicted G/G0–γ
curves to move upward and ξ–γ curves to move down. The comparison for the same
σ |0(σ |0 = 0.1σmax) and different C (κ = 500, 1000, 1800) is shown in Fig. 7.6.
Contrary to the former, smaller G/G0 and greater ξ can be obtained using greater
C for the same γ , which causes the predicted G/G0–γ curves to move down and
ξ–γ curves to move upward. Especially, the effects of parameters σ |0 and C is most
significant when the shear strain amplitude γ is within the range of 10–4–10–3.
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Fig. 7.3 Predicted shear
stress–strain hysteresis
curves under different shear
strain amplitudes γ =
0.0001–0.01
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Fig. 7.4 Predicted and measured G/G0–γ and ξ–γ curves

Fig. 7.5 Effects of σ |0 on G/G0–γ and ξ–γ curves
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Fig. 7.6 Effects of C on G/G0–γ and ξ–γ curves

7.3 Finite Element Model

Referring to the geometric dimensions and loading conditions of the single suction
bucket foundation of a typical 3.5 MW offshore wind turbine in the North Sea
as shown in Fig. 7.7, a three-dimensional finite element model for the interaction
between clay ground and suction bucket foundation is established based onABAQUS
finite element software. Considering the symmetries of the geometries and loading
conditions, the model is established according to a half portion of the real case to
improve the calculation efficiency, as shown in Fig. 7.8.

Suction bucket foundation has a size with the diameter D = 20 m, length L =
10 m. The height of wind turbine towerH = 30 m. Trial computation results indicate
that setting the height and length of soil domain as 6D (120 m) and 3.5D (70 m) is
sufficient to avoid boundary effects on simulation results. The soil and suction bucket
are discretized by 26,214 8-node linear brick elements with reduced integration
(C3D8R). In order to improve calculation efficiency and ensure calculation accuracy,
a finer mesh is applied within the depth of the embedment layer (where nonlinearities

Fig. 7.7 Diagram of single
suction bucket foundation for
typical 3.5 MW wind turbine
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Fig. 7.8 3D finite element model for interaction between clays and single suction bucket

are more prominent), while mesh coarseness increases away from the foundation.
The computer used for the simulation has Intel(R) Core(TM) i7-10,700 CPU @
2.90 GHz, and NVIDIA GeForce GT 730 and Intel(R) UHD Graphics 630, and 16g
RAM. The CPU time for each simulation case is approximately 20 h.

The stiffness of suction bucket and wind turbine tower is much greater than that
of clay, especially the overlying soft clay, hence the former is set as a rigid body. The
interaction between the bucket and the surrounding soil is modeled by the surface-
to-surface contact in ABAQUS. In this approach, the master surface is defined as a
surface that belongs to the material that either is relatively stiff or has a finer mesh
geometry, and the slave surface corresponds to the softer material or material with
a coarser mesh. In this study, the bucket surface was defined as the master surface,
and the soil surface in contact with the bucket was defined as the slave surface. Hard
contact was set in the normal direction of contact surface, which allowed separation
between the interface elements when they subjected to tension. The penalty contact
method was used in the tangential direction. When the two surfaces were in contact,
the interface behavior was governed by Coulomb’s friction theory. The critical fric-
tion shear stress τcrit at the contact surface can be expressed by τcrit = μ · pc in terms
of frictional coefficient μ and contact pressure pc. μ = 0.3 in this study. Tangential
slip occurred when the shear stress at the contact surface exceeded τcrit. In addition,
the friction shear stress limit at the contact surface was set as τmax = αsu to avoid
unrealistic τcrit due to excessive pc. The coefficient α mainly takes into account the
disturbance of suction bucket installation to the soil at the contact surface, and α is
empirically taken as 0.85 (Det Norske Veritas (DNV) 2005).

Displacement boundary conditions prevent the out-of-plane movement of the
vertical face of symmetry as well as the displacement of the circumferential nodes
in the y direction. The base boundary of the model is simulated as rigid bedrock,
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Fig. 7.9 Acceleration
recorded in Loma Prieta
earthquake
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while for the vertical boundaries, kinematic constrains are introduced, forcing the
opposite vertical sides to move simultaneously preventing any rotation, simulating
in that simplified way the seismic response of infinite soil domain (Tsinidis et al.
2014). The vertical force applying to bucket foundation is mainly the dead weight of
generator and tower, which is about 6 MN. The horizontal forces are mainly wave
and wind loads, which are assumed to be constant as a simplification treatment. The
wind load is 1MN at 90m above the top of suction bucket, and the wave load is 3MN
at 10 m above it. The resultant force of the two forces is 4MN, and the action point is
located at 30 m above the top of the bucket foundation. The clay site is subjected to
a seismic accelerogram from the Loma Prieta earthquake record in the United States
in 1989, which has a scaled peak ground acceleration (PGA) of 0.1 g, as shown in
Fig. 7.9.

The dynamic explicit computation is used during the numerical simulation. The
fundamental frequency of suction bucket-soil interaction system should firstly be
calculated before analyzing seismic responses, and then the Rayleigh damping of
soil can be determined according to the first order frequency. Subsequently, the
seismic dynamic analysis is carried out according to the following three steps: ➀
Step 1: Geostatic stress balance analysis, that is, gravity is applied to the soil, and
then the initial stress field is obtained while the initial displacement field is basically
0. ➁ Step 2: The horizontal and vertical concentrated loads are applied to the wind
turbine tower, the responses of foundation system are analyzed using the quasi-static
method.➂ Step 3: the seismic load is applied to the clay site according to the selected
seismic acceleration time history, and the seismic dynamic response of foundation
system is analyzed using dynamic explicit method. It should be noted that viscous
damping effects result from dynamic interaction between the turbine’s submerged
part and the water are not considered in this study, which will lead to conservative
results.
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7.4 Seismic Response of Suction Bucket Foundation

The rotation angle of bucket foundation at the mudline should not exceed 0.5° (or
other similar value as dictated by the turbinemanufacturer) to satisfy the requirements
of serviceability limit state (SLS) of offshore wind turbine (OWT) during the design
life (Arany et al. 2015). Hence, it is necessary to analyze seismic dynamic responses
of foundation system. In the following section, the failure mechanism of bucket
foundation is firstly analyzed, and then various factors affecting seismic responses
of suction bucket are analyzed systematically.

7.4.1 Rotational Bearing Mechanism

Figure 7.10 shows the bearing mechanism under seismic loads (peak acceleration
scaling to 0.3 g). Obvious rotation occurs for the bucket foundation during earth-
quake. However, the rotation center of bucket-soil system is not fixed. At the begin-
ning of earthquake, the rotation center is located near point A, as shown in Fig. 7.10a.
And then it moves slowly to the right and lower as the earthquake continues. The
rotation center vibrates at the front and back, up and down when approaching the
seismic peak acceleration, and moved down obviously after the seismic peak accel-
eration, as shown in Fig. 7.10b and c. Subsequently, the rotation center continues
to move slowly to the right and lower, and finally tends to be stable, as shown in
Fig. 7.10d.

In the process of earthquake, the bucket wall near point A is subjected to active
soil pressure, and gradually separates from the soil behind, forming a certain depth of
gap, while the bucket wall near point C is subjected to passive soil pressure, gradually
compresses the front soils. The uneven vertical displacement occurs during rotation
of the bucket foundation. The point A mainly produces the upward displacement,
while the points B and C mainly produce the subsidence displacement, and the
settlement of point C is greater than that of point B. In the overall, a certain seismic
subsidence occurs for the suction bucket foundation while rotating.

The shear stress–strain curves of three typical nodes around the suction bucket are
shown in Fig. 7.11. The shear stress–strain curves show obvious nonlinear hysteresis
and strain accumulation. The cumulative shear strain of Node 5294 in the passive
region with a value of 5.3E−2 is more significant than that of Node 4561 in the active
region with a value of 7.5E−3. For Node 710 in the bottom region, the direction
of strain accumulation is opposite to the former two due to the rotational bearing
mechanism. The accumulation of plastic shear strain for these nodes can well explain
the accumulated rotation of the suction bucket during earthquake, and further verify
the prediction ability of the soil constitutive model.
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(a) Beginning of earthquake                   (b) Before peak acceleration 

(c) After peak acceleration                      (d) End of earthquake 

Fig. 7.10 Rotational bearing mechanism of suction bucket foundation (amplification factor of 3)
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Fig. 7.11 Shear stress–strain curves of three typical nodes around the suction bucket
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7.4.2 Influence of Soil Strength

The undrained shear strength Su is set as five cases of 20, 30, 40, 60 and 80 kPa,
and the seismic peak acceleration for all cases is 0.1 g. Figure 7.12a and b show
the rotation angle-time curves and settlement-time curves of bucket, respectively, for
different cases. The rotation angle and settlement gradually increase over time, and
the higher the soil strength, the smaller the rotation angle and settlement. However,
when Su exceeds 60 kPa, the change of the rotation angle and settlement tends to be
stable, which means that the influence of soil strength is no longer significant. The
peak rotation angle and settlement at different cases are shown in Table 7.1.When the
soil strength is 20 and 30 kPa, the peak rotation angle exceeds 0.5° (the requirements
of serviceability limit state of OWT). In addition, in the early stage of earthquake
action (about the first 5 s), the rotation angle and settlement increase rapidly, and
then gradually slow down. However, abrupt increasing occurs when approaching the
peak acceleration, and then slow down again. This change trend is more significant
when the soil strength is lower.

The predicted peak rotation angle at different soil strength are plotted in Fig. 7.13.
It can be clearly seen that the peak rotation angle monotonically decreases with
increasing soil strength, and the decreasing rate is very large when the soil strength
is relative low and gradually tends to be zero. The simulation results can be fitted
well by the following formula
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(a) Rotation angle-time curves                                       (b) Settlement-time curves 

Fig. 7.12 Influence of soil strength on rotation angle and settlement of suction bucket

Table 7.1 Peak rotation angle and settlement of suction bucket under different soil strength

Soil strength (kPa) Seismic peak acceleration
(g)

Peak rotation angle (°) Peak settlement (cm)

20 0.1 2.90 14.96

30 0.1 1.23 7.86

40 0.1 0.44 3.96

60 0.1 0.10 1.55

80 0.1 0.07 1.17
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Fig. 7.13 Peak rotation
angle versus soil strength
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θ = 4400S−2.44
u (7.9)

where θ is the peak rotation angle. The fitting curve represented by Eq. (7.9) is
also shown in Fig. 7.13. The formula can be used to approximately estimate the
peak rotation angle of suction bucket foundation of OWT in clays with different
soil strength. However, the proposed formula is only applicable to those specific
dimensions and loading conditions of the bucket for this study, the applicability to
other cases remains to be verified.

7.4.3 Influence of Seismic Intensity and Frequency

The seismic peak ground acceleration is set as three cases of 0.1 g, 0.2 g, and 0.3 g,
respectively, and the soil strength Su for all cases is 40 kpa. The rotation angle
and settlement time history under different cases are shown in Fig. 7.14a and in
Fig. 7.14b, respectively. The influence of seismic intensity on rotation angle and
settlement is not significant before the moment corresponding to the peak accelera-
tion. After the moment, the rotation angle and settlement increase more significantly
with larger seismic intensity. The values for different earthquake intensities are shown
in Table 7.2. Obviously, the peak rotation angle exceeds the limit value of 0.5° when
the peak acceleration is 0.2 and 0.3 g.

In order to investigate the effect of seismic frequency on seismic responses of the
bucket, in addition to the Loma Prieta earthquake record above, two other seismic
records are selected for comparison. The time history as input for the dynamic anal-
yses along with their acceleration response spectra are shown in Fig. 7.15. The peak
ground acceleration (PGA) of three seismic waves are scaled to 0.3 g. The predom-
inant frequencies of seismic waves for Loma Prieta, Northern California and Kobe
are 2.6 Hz, 1.6 Hz, and 0.8 Hz, respectively. The natural frequency ranges of 1p
and 3p for the 3.5 MW wind turbine structure is usually less than 0.7 Hz. The rota-
tion angle of suction bucket for three different seismic waves is shown in Fig. 7.16.
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(a) Rotation angle-time curves                                            (b) Settlement-time curves 

Fig. 7.14 Influence of seismic intensity on rotation angle and settlement of suction bucket

Table 7.2 Peak rotation angle and settlement of suction bucket under different seismic intensity

Soil strength (kPa) Seismic peak acceleration
(g)

Peak rotation angle (°) Peak settlement (cm)

40 0.1 0.44 3.96

40 0.2 0.88 6.59

40 0.3 1.20 8.98

The comparison shows the seismic frequency has a significant effect on dynamic
responses of bucket. The larger cumulative rotation can occur when the seismic
predominant frequency is closer to the frequency ranges of 1p and 3p for the wind
turbine structure.

7.4.4 Influence of Bucket Geometry

Four suction buckets with different geometric dimensions are set to study the influ-
ence of geometry characteristics on the seismic responses, as shown in Table 7.3.
The soil strength is 40 kPa and the seismic peak acceleration is 0.3 g for all cases.
Comparing rotation angle-time curves of the suction bucket T1, T2, and T3 in
Fig. 7.17a, it can be concluded that increasing the length of the suction bucket (or the
embedment ratio) can effectively reduce the final rotation angle when the diameter
of suction bucket keeps constant. Comparing with the rotation angle-time curves of
the suction bucket T1 and T4, we find that final rotation angle can also be effectively
reduced by increasing the diameter and length of suction bucket when the embed-
ment ratio keeps constant. It should be noted that the geometric size of suction bucket
has no significant effect on the rotation angle until reaching the peak acceleration. In
addition, obvious negative rotation occurs when approaching the peak acceleration
due to the shaking of the bucket in positive and negative directions, and the sloshing
phenomenon is more obvious with larger embedment ratio. Comparing the rotation
angle-time curves of the suction bucket T1, T2, and T4, it can be concluded that
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Fig. 7.15 The time history as input for the dynamic analyses along with their acceleration response
spectra for three earthquake records

Fig. 7.16 Influence of
seismic frequency on
rotation angle of suction
bucket
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increasing the diameter appropriately (L/D = 0.5, D = 20 to D = 25) can reduce the
final rotation angle more effectively than increasing the skirt length (D = 20, L/D =
0.5 to L/D = 0.7) when maintaining relative smaller embedment ratio.

It can be seen from Fig. 7.17b that increasing the length or diameter of suction
bucketwill not reduce the settlement, butwill slightly increase it. Thismaybe because
the increase of length or diameter will enhance the stability of bucket foundation and
reduce the rotation angle, however it will also increase the self-weight of bucket
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Table 7.3 Peak rotation angle and settlement of suction bucket with different size

Suction bucket
number

Diameter/m
(D/m)

Length/m
(L/m)

Embedment
ratio
(L/D)

Peak rotation
angle
(°)

Peak settlement
(cm)

T1 20 10 0.5 1.20 8.98

T2 20 14 0.7 0.68 10.30

T3 20 20 1.0 0.27 10.71

T4 25 12.5 0.5 0.50 10.60
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(a) Rotation angle-time curves                       (b) Settlement-time curves 

Fig. 7.17 Influence of bucket geometry on rotation angle and settlement

foundation, resulting in slightly increased settlement. In overall, the effect of the
bucket geometry on settlement is not significant.

7.5 Summary

This chapter investigated the seismic responses of suction bucket foundation for
offshore wind turbine in clays by performing a series of numerical simulation. The
key conclusions can be summarized as follows:

(1) A simplified kinematic hardening model available in the ABAQUS library was
used to capture the undrained dynamic nonlinear behavior of clays. The method
of determining model parameters was introduced, and the prediction ability of
the model was validated by simulating cyclic simple shear tests. Then, a three-
dimensional finite element model is developed by setting appropriate boundary
and contact condition to analyze seismic responses of suction bucket in clays
based on the above soil model.

(2) The rotational bearing mechanism of suction bucket foundation is revealed by
the three-dimensional finite element analysis. Significant accumulated rotation
occurs for the suction bucket during the earthquake. The rotation center moves
continuously, and vibrates when approaching the seismic peak acceleration, and
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finally tends to be stable. In the overall, a certain seismic subsidence occurs for
the suction bucket when rotating. The shear stress–strain curves of soil around
the bucket show obvious nonlinear hysteresis and strain accumulation which
can well explain the accumulated rotation of the bucket during earthquake.

(3) The smaller rotation angle and settlement can be obtained with higher soil
strength. However, when soil strength exceeds a certain value, its influence is
no longer significant. It should be noted that the lower soil strength can cause
the peak rotation angle to exceed the requirements of serviceability limit state
of OWT.

(4) The rotation angle and settlement of suction bucket increases significantly with
increasing the seismic intensity after reaching the peak acceleration. The peak
rotation angle may exceed the limit value of 0.5° under a large seismic peak
acceleration. In addition, the larger cumulative rotation can occur when the
seismic predominant frequency is closer to the frequency ranges of 1p and 3p
for the wind turbine structure.

(5) Increasing the length or diameter of bucket can effectively reduce final rota-
tion angle, but have no significant effect on the settlement. Obvious negative
rotation occurs when approaching the peak acceleration due to the shaking of
the bucket in positive and negative directions, and the sloshing phenomenon is
more obvious with larger embedment ratio. In addition, increasing the diameter
appropriately can reduce the final rotation anglemore effectively than increasing
the skirt length when maintaining relative smaller embedment ratio.

At present, there are few relevant shaking tablemodel test results of suction bucket
in clays in the existing literature, so the numerical simulation results of the interaction
between the bucket and soil have not been verified yet. In the follow-upwork, wewill
try to perform relevant shaking table tests to verify the numerical method proposed
by this study.
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Chapter 8
Lateral Cyclic Responses of OWT Tripod
Suction Bucket in Clays

Tripod suction bucket foundations are increasingly used to support offshore wind
turbines (OWTs) due to their economic advantages and high overturning resistance.
In the harsh marine environment, OWT tripod bucket foundations are subjected to
long-term lateral cyclic loads from wind, waves and current. However, the response
of tripod bucket foundations in clay to cyclic lateral loads is not well covered in the
literature. Therefore, a three-dimensional (3D) numerical method is developed for
analyzing their lateral cyclic response based on a simplified bounding surface model
of clay. The numerical model is validated by comparing its results with scaled model
test results available in the literature. The validated model is then used to investigate
the rotation mechanism of tripod suction bucket under lateral monotonic and cyclic
loading. The ‘bonded contact’ and ‘separable contact’ were set between the soil plug
and the inner wall to simulate the upper limit and the lower limit cases of the tensile
capacity of the suction bucket. The influences of the bucket-soil contact condition,
loading direction and cyclic loading mode (one-way and two-way) on the cyclic
behavior were analyzed. It was found that these factors have a significant impact on
the cyclic responses, permanent rotation angle and failure mechanism of the tripod
bucket foundation. The findings from this study can provide guidance for the design
of OWT tripod bucket foundations.

8.1 Introduction

Offshore wind energy has developed rapidly in recent years due to its abundant, clean
and renewable advantages. A growing number of offshore wind turbines (OWTs) are
being built to produce more wind power (Perveen et al. 2014). An important consid-
eration for OWT is its foundation as its construction and maintenance costs account
for 20–30% capital cost and 12–25% life cycle cost of the project (Musial and Ram
2010). Therefore, economic and reliable foundation designs are crucial to reduce
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construction costs and to ensure the safety of turbines. The suction bucket founda-
tion, which can be installed by using a suction pump, is regarded as a competitive
foundation type for offshore wind turbines due to its fast construction, low cost, and
reusability (Byrne et al. 2002).

In the harshmarine environment, suction bucket foundations supportingOWTsare
subject to the long-term lateral dynamic loads due towind, waves, and current (Byrne
and Houlsby 2003). These environmental loads induce large overturning moments
on the suction bucket foundations (Houlsby and Byrne 2000), which may cause
excessive rotation angle of OWTs. In current guidelines for OWTs, requirements of
serviceability limit state (SLS) typically dominate the whole design (Arany et al.
2015; Liao et al. 2018). If the rotation angle exceeds the allowable value, the OWTs
will not operate normally. Therefore, it is of great significance to investigate the
bearing behavior of suction bucket foundations under lateral dynamic loads for the
engineering design. A suction bucket foundation can be constructed in multiple
configurations including themonopod andmultiple-suction bucket foundations (e.g.,
tripod foundation), as shown in Fig. 8.1. The former has beenwidely used in practical
engineering. Compared with the monopod bucket foundation, the multiple-suction
bucket foundation has greater overturning resistance, andhence it is gradually favored
by industry (Jeong et al. 2021; Houlsby et al. 2005a).

The behavior ofmonopod suction buckets under lateral cyclic loadingwas investi-
gated extensively through: (a) prototype and reduced-scale filed tests (Houlsby et al.

Fig. 8.1 Monopod and tripod suction bucket foundations
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2005b, 2006;Barari and Ibsen 2012; Zhang et al. 2015); (b) scaled 1-g laboratory tests
(Wang et al. 2006; Zhu et al. 2013, 2018; Foglia and Ibsen 2016; Hung et al. 2018);
(c) centrifugal model tests (Zhang et al. 2007; Cox et al. 2014; Wang et al. 2017a, b);
and (d) numerical simulations (Kourkoulis et al. 2014; Gelagoti et al. 2018; Cheng
and Wang 2016; Cheng et al. 2018, 2020a; Yi et al. 2021). These studies provided
good understanding of lateral cyclic behavior of the monopod suction bucket, such
as the evolution of its cumulative rotation and unloading stiffness with the cyclic load
amplitude, frequency and direction and number of cycles. In recent years, new types
of bucket foundations have also been investigated, such as the hybrid foundation
consisting of a traditional monopile and a wide-shallow bucket, and their superiority
over the traditional bucket foundation has been proven (Chen et al. 2020; Li et al.
2020, 2021a, b; Ma and Yang 2020; Wang et al. 2020b; Trojnar et al. 2021).

The multiple-suction bucket foundation improves the overturning resistance of
OWTs by transferring the overturning moment of the whole system into axial push–
pull forces of individual buckets (Kim et al. 2014a; Zhang et al. 2016). The vertical
pullout and compression behaviors of each single bucket elements were investi-
gated to infer the cyclic behaviors of multiple-suction buckets under lateral loading
(Kelly et al. 2006; Lu et al. 2007; Jeong et al. 2019). Centrifugal model studies were
conducted to compare the horizontal cyclic behaviors of monopod suction bucket
and tripod suction bucket foundations installed in sands (Kim et al. 2014b; Wang
et al. 2018). The results revealed that the moment-rotation relationship of the tripod
suction bucket exhibited an almost bilinear response, while the monopod foundation
displayed a continuous hardening response. The cumulative rotation of monopod
suction bucket in medium dense sand increased monotonically as the number of load
cycles increased, while the rotation of tripod suction bucket foundation increased
at the initial stage of cyclic loading but then gradually decreased, showing a favor-
able “self-healing” behavior. Jeong et al. (2021) investigated the moment-rotation
responses, the cyclic stiffness, and permanent displacements of the tripod founda-
tion in sands by performing centrifuge model tests. These tests demonstrated that
the cyclic behavior of the tripod foundation was significantly affected by the loading
amplitude and direction.

The literature review indicated that most of the existing studies on tripod suction
bucket focus on its behavior in sands, while investigations of its response in clay
are scarce. Only a few researchers studied the monotonic bearing behavior of tripod
suction bucket in clays (Hung and Kim 2012; Kim et al. 2014a; Petas et al. 2016;
He et al. 2021). To the best of the author’s knowledge, the cyclic behavior of tripod
suction bucket in clays has not been reported. This chapter develops a numerical
method for analyzing the lateral cyclic behavior of tripod suction bucket in clays
based on a simplified bounding surface model of clay. Subsequently, the rotation
mechanism of tripod suction bucket under lateral monotonic and cyclic loading is
investigated. The influences of some factors such as the bucket-soil interface contact,
the loading direction, and the cyclic loading mode (one-way and two-way) on the
cyclic behavior are analyzed.
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8.2 Numerical Simulation Method and Verification

It is undoubtedly ideal to validate the feasibility of the numerical method through
comparison with model test results of tripod suction bucket installed in clay. Regret-
tably, there are no model tests reported in the literature for tripod suction bucket in
clay. However, since a tripod bucket foundation resists the overturning moment by
vertical uplift and compression of individual buckets, it is reasonable to consider
accurate prediction of the monopod bucket behavior under vertical loads is a good
indicator for proper simulation of the tripod bucket behavior under lateral loads.
Therefore, model tests of monopod foundations under vertical monotonic and cyclic
loading reported in the existing literature are selected for numerical simulation, and
the feasibility of the numerical method is validated by comparing the simulation
results with the test results.

8.2.1 Simulation of Monotonic Loading Test

Cao et al. (2002) performed a series of centrifuge tests on a 1/100 model monopod
suction bucket in clay subjected to vertical monotonic pullout load. The prototype
bucket diameter D = 5.17 m, the skirt length L = 24.5 m and the bucket wall
thickness t = 0.065 m. The undrained shear strength of soft clay varied linearly with
soil depth, which was represented by Su = 1.14 z (z is soil depth). The centrifuge
test number SAT06-3 was chosen for numerical simulation. The test was carried out
in two stages, installation and monotonic vertical loading. During the installation
stage, 50 mm (prototype 5 m) soil plug was generated. Based on the geometric
dimensions of the monopod suction bucket and soil strength profile in the model
test, a three-dimensional finite element model was established employing the finite
element software ABAQUS (Dassault Systemes Simulia Corp 2014). Exploiting the
symmetries of the geometry and loading conditions, the model simulated only one
half of the system, as shown in Fig. 8.2. The bucket and the soil were simulated
using 11,160 8-node linear brick elements (C3D8). Normal horizontal constraints
were applied to the vertical boundaries, and fixed constraints were applied to the
bottom boundary while the top boundary was free. Vertical loads were applied to the
center of the bucket top.

The interaction between the suction buckets and surrounding soil was simulated
utilizing the surface-to-surface contact method. The surface of suction bucket was
defined as the master surface (relatively stiff), and the soil surface in contact with
suction bucket was defined as the slave surface (relatively soft). Hard contact was set
in the normal direction of contact surface for the bucket outer wall, which allowed
separation between the interface elements when they are subjected to tension. The
penalty contact method was used in the tangential direction. When the two surfaces
are in contact, the interface behavior is governed by Coulomb’s friction theory. The
critical friction shear stress τcrit at the contact surface can be expressed by τcrit = μ·pc
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Fig. 8.2 3D finite element
model of monopod bucket
foundation under vertical
monotonic pullout loading

5m 

Vertical load 

5.17m 

24.5m 

36.2m 

40m 

in terms of frictional coefficient μ and contact pressure pc, with μ = 0.25 in this
study. When the shear stress at the contact surface exceeded τcrit, tangential slip
occurred. The tie-contact condition was set between the soil plug and the inner wall
considering that the significant passive suction makes them remain in close contact.
The soil behavior was simulated by the simplified single bounding surface model
described in Chap. 2 with parameters A0 = 2 Su; G = 500 Su; μ = 2; ξ = 0. It
should be noted that parameter ξ = 0 is used for the numerical simulation because
monotonic loading does not involve cyclic degradation. The bucket was treated as a
rigid body during the calculations.

Figure 8.3 compares the calculated and measured vertical load–displacement
curves of the suction bucket. The calculated results agree with the experimental
results in the overall trend, which validates the rationality of the numerical method
to predict the monotonic behavior of bucket. It should be noted that, as the upward
displacement increases the bearing capacity of the suction bucket reaches the peak
pullout force and then gradually decreases, i.e., it shows softening behavior.However,
this numerical method is still unable to simulate the softening behavior of suction
bucket during uplift, although it can relative accurately predict the ultimate bearing
capacity.

8.2.2 Simulation of Cyclic Loading Test

Villalobos et al. (2010) performed a series of model testing for suction bucket foun-
dation in clay subjected to vertical cyclic loading. The suction bucket diameter D
= 150 mm, the skirt length L = 150 mm and the wall thickness t = 1 mm. The
soil layer had a linear shear strength profile described by Su = 4z + 5.6 kPa (z is



196 8 Lateral Cyclic Responses of OWT Tripod Suction Bucket in Clays

Fig. 8.3 Comparison of
simulation results and test
results for vertical monotonic
load–displacement curve
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soil depth). Model test number FV5 was selected for the numerical simulation. The
suction bucket was subjected to 8 cyclic loading epochs of 10 cycles each in sequence
after a pushed installation. The cyclic loading amplitudes increased from ± 47 to ±
560 N. In addition, the suction bucket was subjected to a mean vertical load of 250
N. The mean load was the maximum load to install the bucket, which is denoted as
the maximum preload (V o) experienced by the bucket prior to the cycling.

A three-dimensional finite element model was established to simulate the model
test above, as shown in Fig. 8.4. The element type, boundary conditions, pile-soil
contact, etc., were same as the finite element model used for the monotonic loading
case. It should be noted that the pushing installation method was used in this test,
i.e., the suction bucket was installed without suction assistance; hence the passive
suction is insignificant during the vertical cyclic loading process. Therefore, frictional
contact conditions of the tangential slip and normal separation were set between the
soil plug and the bucket inner wall. The clay cyclic behavior was simulated by the
simplified single bounding surface model above with parameters μ = 2 and ξ = 2,
A0 = 2 Su and G = 500 Su, i.e., A0 and G increased linearly along the soil depth z.

Fig. 8.4 3D finite element
model of monopod bucket
foundation under vertical
cyclic loading

0.9m 

0.7m 150mm 

150mm 

Vertical load 
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Fig. 8.5 Comparison of simulation results and test results for vertical cyclic load–displacement
curve

The load–displacement curves of the four loading epochs from FV5_2 to FV5_5
are presented in Fig. 8.5. The vertical load V is normalized by soil strength (Su) at the
reference point (depth of 125mm) or by themaximumpreloadV o. The displacements
are normalized by the bucket diameter (D = 2R). It is observed that the calculated
response can capture the nonlinear hysteretic characteristics of the load–displace-
ment response, and the accumulation of foundation settlement as the number of load
cycles and load amplitude increase. The calculated responses generally agree with
the measured results, which validates the ability of the numerical method to predict
the vertical cyclic behavior of suction buckets.

8.3 Numerical Model of Tripod Suction Bucket

A three-dimensional finite element model for a tripod bucket foundation in clays was
established as shown in Fig. 8.6. The dimensions of the foundation in this study were
determined by referring to the first successfully installed tripod bucket foundation at
the wind farm Borkum Riffgrund 1 (Ehrmann et al. 2016). The diameter and height
of each podwere both 8mwith a total weight of 850 t. The wall thickness of each pod
was 0.2 m. The center-to-center distance between each pod was 30 m. The bucket
was made of steel with an elastic modulus of 210 GPa and a Poisson’s ratio of 0.3.
Soil domain with a size of 120 m × 116 m × 37 m (length × width × height) was
meshed, which was sufficient to avoid boundary effects on the obtained results. The
soil and OWT structure were discretized by 34,933 8-node linear brick elements. A
linear increasing soil shear strength profile described by Su = 2z + 2 kPa was used
in the numerical simulation. The geostatic stress balance analysis was first carried
out, i.e., the gravity was applied to the soil domain to establish the initial stress field.
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A vertical load of 10 MN was then applied at the tower section 33 m away from the
mud surface (Point C in Fig. 8.6) to simulate the dead weight of the whole OWT
structure (Tran et al. 2017). Finally, the horizontal load was applied to Point C as
shown in Fig. 8.6.

As a consequence of the installation method, the suction bucket foundation is
able to develop tensile capacity when it is subjected to uplift, owing to the negative
excess pore pressures between the bucket lid and the confined soil. It was found that
the contribution of the passive suction, generated during caisson’s pull out, to the
total pullout capacity is significant (Cao et al. 2002). In view of the great difficulty to
accurately and quantitatively simulate passive suction, two extreme cases are usually
assumed to consider the impact of the passive suction on the tensile capacity. One
case is that the passive suction is zero, so the bucket lid can be separated from the
soil plug inside bucket, which corresponds to the lower limit of the tensile capacity
as shown in Fig. 8.7a; another case is that the passive suction is large enough, so the
bucket lid remains in contact with the soil plug inside bucket, which corresponds to
the upper limit of the tensile capacity as shown in Fig. 8.7c. However, the actual case
should be between the two extreme cases, as shown in Fig. 8.7b. In this study, the
frictional contact condition of the tangential slip and normal separation (‘separable
contact’ for short name) was set between the soil plug and the inner wall to simulate
the lower limit case of the tensile capacity; the tie-contact condition (‘bonded contact’
for short name) was set between the soil plug and the inner wall to simulate the upper
limit case of the tensile capacity.

Offshore wind turbinesmay be subjected towind andwave loads in any horizontal
direction in the marine environment. Due to the asymmetric layout of the tripod
bucket foundation, the loading direction will affect its bearing characteristics. The
angle between the horizontal load direction and the x-axis positive direction is defined
as the loading angle α, as shown in Fig. 8.8. The influence of the bucket-soil contact

Vertical dead weight 

Horizontal load 

116m 

120m 

37m 
8m 

8m 

30m 

33m 

Point C 

Fig. 8.6 3D finite element model for tripod suction bucket foundation in clays
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 (a) Lower limit case          (b) Actual case                      (c) Upper limit case 
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Fig. 8.7 Diagrammatic sketch of suction bucket foundation under tensile loads

Fig. 8.8 Plan view of tripod
suction bucket foundation 60° 

Loading angle 

0° 

30m 

30m 

180° 

8m 

Loading orientation 

condition and the loading direction on monotonic and cyclic behavior of the tripod
suction bucket foundation is analyzed in detail below.

8.4 Monotonic Loading Response of Tripod Suction Bucket

Figure 8.9 shows the horizontal ultimate bearing capacity of tripod bucket for 13
loading angles ranging from 0° to 180° (15° interval) under two different bucket-
soil contact conditions, i.e., ‘bonded contact’ and ‘separable contact’. It is observed
that the variation trend of bearing capacity with the loading angle under the two
contact conditions is just opposite. For the bonded contact, the bearing capacity
corresponding to 0° and 120° loading directions is the highest, while that corre-
sponding to 60° and 180° loading directions is the lowest. For the separable contact,
the opposite is true. Since the plan layout of the tripod bucket foundation is an equi-
lateral triangle as shown in Fig. 8.8, the loading conditions in the 0° and 120°direc-
tions are the same, both of which are one bucket under tension and two buckets are
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under compression as shown in Fig. 8.10a. Similarly, the loading conditions in the
60° and 180° directions are the same, both of which are two buckets under tension
and one bucket under compression as shown in Fig. 8.10b. It is observed from the
Fig. 8.8 that the bearing capacity of the tripod bucket under the bonded contact is
significantly greater than that under the separable contact. The main reason is that
the bucket inner wall and the bucket lid remain in contact with the soil plug inside
bucket under the bonded contact, and hence the soil plug will move upward with the
suction bucket under vertical pullout load generated by the overturning moment; the
reverse bearing capacity of the soil at the bucket bottom will significantly improve
the anti-overturning bearing capacity of the tripod bucket foundation.

In order to further clarify the comprehensive influence of bucket-soil contact
conditions and loading direction on the horizontal bearing behaviors of tripod bucket
foundation, the direction 0° (the most favorable direction) and 180° (the most unfa-
vorable direction) are selected as two extreme loading cases as shown in Fig. 8.10.
Correspondingly, four special analysis cases are set during finite element simulation
as shown in Table 8.1. Figure 8.11 shows the lateral load-rotation angle curves of the
tripod bucket foundation under four analysis cases. The foundation rotates signifi-
cantly under the overturning moment caused by the horizontal load, and its rotation
angle, bearing capacity and failure mechanism are closely related to the bucket-soil
contact condition and loading direction. For the separable contact (Cases 1 and 2),
the load reaches a plateau as the rotation angle increases, which is defined as the
ultimate bearing capacity. However, for the bonded contact (Cases 3 and 4), the load
does not have a plateau value, so the tangent intersection method is used to deter-
mine the foundation ultimate bearing capacity (Kim et al. 2014a). Two tangent lines
are drawn from the initial loading point and the end point of the load–displacement
curve, as demonstrated on Case 3 in Fig. 8.11 and the ordinate of the intersection of
the two tangents define the foundation ultimate bearing capacity.

Figure 8.12 shows the foundation displacement field at failure under the four
analysis cases. Comparing Cases 1 and 2 in Fig. 8.11, the ultimate bearing capacity
for 0° loading is smaller than that for 180° loading under the separable contact. This

Fig. 8.9 Lateral bearing
capacity of tripod bucket
with various loading angle
under different contact
conditions
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Fig. 8.10 Diagrammatic
sketch of tripod bucket under
two extreme loading
directions
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Table 8.1 Ultimate bearing capacity for four analysis cases

Analysis cases Loading angle α Bucket-soil contact condition Ultimate bearing capacity
(MN)

Case 1 0° Separable contact 3.3

Case 2 180° Separable contact 5.8

Case 3 0° Bonded contact 8

Case 4 180° Bonded contact 7.2

Fig. 8.11 Lateral
load-rotation angle curves of
the tripod bucket foundation
under four analysis cases
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is due to the corresponding bearing mechanism as shown in Fig. 8.12a and b. In the
separable contact condition, the windward bucket is pulled with a certain upward
displacement, and the bucket lid is completely separated from the internal soil plug.
Meanwhile, the leeward bucket experiences compressive (downward) settlement.
The pullout bearing capacity of the suction bucket is mainly provided by the friction
between the bucket wall and the soil, in addition to the bucket self-weight. Therefore,
the pullout bearing capacity is relatively low and upward displacement is significant,
and hence the tripod bucket foundation experiences relatively large rotation angle.
Thus, the bearing capacity is dominated by the windward bucket (upward bucket)
under the separable contact. In the case of 0° loading, only one bucket bears uplift
load (Fig. 8.12a), while two buckets bear uplift load at the same time in the case of
180° loading (Fig. 8.12b). Therefore, the case of 0° loading leads to a smaller bearing
capacity.

On the other hand, comparing Cases 3 and 4 in Fig. 8.12 demonstrates that the
ultimate bearing capacity for 0° loading is larger than that for 180° loading for the
bonded contact. This can be explained by the corresponding bearing mechanism
shown in Fig. 8.12c and d. The soil plug inside the bucket moves upward with the
suction bucket under the bonded contact condition. Consequently, the total uplift
bearing capacity will comprise the friction between the bucket outer wall and the
surrounding soil, the self-weight of the bucket and the reverse bearing capacity
of the soil at the bucket bottom. Correspondingly, the vertical uplift displacement
of the windward bucket is relatively smaller under the same overturning moment
and the rotation of the tripod bucket foundation is mainly caused by the downward
displacement of the leeward bucket. Hence, the bearing capacity of the foundation
is dominated by the compressive (downward) settlement of the leeward bucket. Two
bucket bears compression load in the case of 0° loading (Fig. 8.12c), while only
one bucket bears compression load at the same time in the case of 180° loading
(Fig. 8.12d). Therefore, the case of 0° loading leads to larger bearing capacity.

8.5 One-Way Cyclic Loading Response of Tripod Suction
Bucket

The one-way cyclic load is applied at the two critical loading angles, 0° and 180°.
FULS is defined as the bearing capacity of tripod bucket in the ultimate limit state,
then different cyclic load levels Fcyc are set with reference to FULS. That is Fcyc

= η FULS, where η is defined as the cyclic load ratio, and set as 0.2, 0.4, 0.5 and
0.6 to investigate the effect of the amplitude of the cyclic loading on the foundation
capacity. Figure 8.13 displays the scheme of half sine one-way cyclic load time
histories employed in the analysis. It should be noted that FULS is different for
different bucket-soil contact conditions and loading angles as shown in Table 8.1.
Therefore, FULS is determined according to the specific analysis cases in Table 8.1.



8.5 One-Way Cyclic Loading Response of Tripod Suction Bucket 203

Fig. 8.12 Displacement
filed of tripod foundation at
failure under four analysis
cases (amplification factor of
1)
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Fig. 8.13 Schematic diagram of various load-time histories for one-way cyclic loading

8.5.1 Bucket-Soil Separable Contact

8.5.1.1 Cyclic Loading in 0° Direction

Figure 8.14 displays the cyclic response curves of tripod bucket foundation for 0°
loading direction considering the separable contact. The load-rotation angle curves
shown inFig. 8.14a demonstrate the nonlinear hysteretic characteristics becomemore
significant as the cyclic load level increases. In Fig. 8.14b, the rotation that can be
recovered after unloading is defined as temporary rotation, the unrecoverable rotation
is permanent rotation, and the sum of the two is the peak rotation. Figure 8.14b shows
that both the permanent rotation and the temporary rotation increase significantly as
the cyclic load level increases. The continuous accumulation of the rotation angle
may cause the OWT to reach the service limit state (SLS).

Figure 8.14c shows the vertical displacement time history of the windward bucket
and the leeward bucket under different cyclic load levels. The windward bucket is
repeatedly subjected to upward loading and unloading, while the leeward bucket is
repeatedly subjected to downward loading and unloading. As expected, the leeward
bucket has significant cumulative settlement under repeated downward loading. Inter-
estingly, the windward bucket does not have cumulative upward displacement under
repeated upward loading but has significant cumulative settlement. This phenomenon
is attributed to the fact that the vertical uplift load applied to the windward bucket
is smaller than the weight of the OWT system including the superstructure and
bucket, so the resultant vertical force on the windward bucket is still downward. The
strength and stiffness of the soil around the windward bucket are degraded during
cyclic loading. Therefore, the windward bucket will have cumulative settlement as
the number of cycles increases under the resultant vertical force. In addition, the
temporary displacement of the windward bucket is larger than that of the leeward
bucket for all cyclic load levels because the tensile bearing capacity of the windward
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Fig. 8.14 Cyclic response curves of tripod bucket foundation in 0° loading direction under the
separable contact

bucket is usually significantly smaller than the compressive bearing capacity of the
leeward bucket.

It should be noted that for relatively high cyclic load level such as 0.5 FULS, the
settlement of the leeward bucket is always greater than that of the windward bucket,
and the settlement difference between the two increases gradually as the number
of cycles increases as shown in Fig. 8.14c. Therefore, the tripod bucket foundation
gradually rotates clockwise (positive rotation angle), and the cumulative rotation
angle increases gradually with the number of cycles as shown in Fig. 8.14b. However,
for the relatively low cyclic load level such as 0.2 FULS, the settlement of windward
bucket and leeward bucket are both small; the increasing rate of settlement of leeward
bucket is smaller than the windward bucket although the total settlement of leeward
bucket is greater, and hence the settlement difference decreases gradually. Therefore,
the cumulative rotation angle decreases gradually or even becomes slightly negative
(reverse rotation) as the number of cycles increases, as shown in Fig. 8.14b. It can be
inferred that the rotation behavior of the tripod bucket foundation is closely related
to the level of horizontal cyclic load and the vertical dead weight load.

Figure 8.15 presents the displacement field at the instant of peak load for different
cycle number (N = 1, 25, and 100), which can explain the increase in foundation rota-
tion. Figure 8.15a shows that the windward bucket at the initial loading has a certain
upward displacement, the bucket lid is separated from the internal soil plug with a
certain gap, while the leeward bucket has a certain downward displacement. As the
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Fig. 8.15 Displacement
field of tripod bucket
foundation at instant of peak
load for different cycle
number (0.5 FULS,
amplification factor of 5)
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number of cycles increases, the displacement of windward bucket gradually changes
from upward to downward due to cumulative settlement as shown in Fig. 8.15b and
c.

8.5.1.2 Cyclic Loading in 180° Direction

Figure 8.16 shows the cyclic response curves of tripod bucket foundation in 180°
loading direction considering the separable contact. Figure 8.16b shows that for
the same cyclic load ratio, the cumulative rotation angle of foundation caused by
cyclic loading in 180° direction is significantly greater than that in 0° direction
shown in Fig. 8.14b. The permanent rotation increases as the number of load cycles
increases for all cyclic load levels and it is much higher than the temporary rotation.
Therefore, the gradual increase in permanent rotation is the main reason for reaching
the SLS during the design life of theOWT. The foundation shows ‘cyclic shakedown’
behaviorwhen the cyclic load level is relatively small such as 0.2FULS, and the ‘cyclic
degradation’ behavior when the cyclic load level is relatively large such as 0.6 FULS.
The permanent rotation exceeds the limit of 0.25° in the SLS of OWT when the
cyclic load level exceeds 0.2 FULS.
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Fig. 8.16 Cyclic response curves of tripod bucket foundation in 180° loading direction under
separable contact

Figure 8.16c shows that the cumulative settlement of the windward bucket is
very small compared with the leeward bucket. In addition, contrary to the case in 0°
direction, the temporary displacement of the windward bucket is less than that of the
leeward bucket for all cyclic load levels. This is attributed to the much larger tensile
bearing capacity of two windward bucket (180° direction) than that of one windward
bucket in the case of 0° direction.On the other hand, the compressive bearing capacity
of one leeward bucket for loading in the 180° direction is significantly smaller than
that of two leeward buckets in the 0° direction. The tripod bucket foundation gradually
rotates counterclockwise as the number of cycles increases due to the increasing
difference of settlement as gleaned from the displacement field presented in Fig. 8.17.
It can be concluded that the significant cumulative settlement of leeward bucket
caused by relatively low compressive bearing capacity is the main reason for the
foundation rotation.
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Fig. 8.17 Displacement
field of tripod bucket
foundation at instant of peak
load for different cycle
number under the separable
contact (0.5 FULS,
amplification factor of 1)
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8.5.2 Bucket-Soil Bonded Contact

8.5.2.1 Cyclic Loading in 0° Direction

Figure 8.18 shows that the cyclic response curves of tripod bucket foundation in 0°
loading direction under the bonded contact is significantly different from that for the
separable contact. For the same cyclic load ratio, the cumulative rotation angle of
foundation in the bonded contact condition is greater than that in the separable contact
condition. The difference can be well explained by the vertical displacement time
history of the windward bucket and the leeward bucket in Fig. 8.18c. For relatively
high cyclic load levels such as 0.5FULS, thewindward bucket experiences cumulative
upward displacement under repeated upward loading, which is different from the
corresponding displacement time history in the separable contact condition. Because
the ultimate bearing capacity of the foundation under the bonded contact is higher
than that under the separable contact, the cyclic load level applied to the foundation
is larger for the same cyclic load ratio. When the vertical uplift load applied to the
windward bucket is larger than the dead weight of the OWT system, the resultant
vertical force acting on thewindward bucket is upward and causes cumulative upward
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Fig. 8.18 Cyclic response curves of tripod bucket foundation in 0° loading direction under bonded
contact

displacement. However, for the relatively low cyclic load level such as 0.2 FULS, the
settlement occurs for both the windward bucket and the leeward bucket because
the vertical uplift load applied to the windward bucket is smaller than the dead
weight of the OWT system. Figure 8.19 displays the foundation displacement field,
which reveals thatwindward bucket experiences significant upward displacement and
the leeward bucket experiences significant downward displacement. The windward
bucket lid remains in contact with the internal soil plug due to the bonded contact.
The increasing difference of vertical displacement between windward and leeward
buckets accelerates the rotation of the tripod bucket foundation.

8.5.2.2 Cyclic Loading in 180° Direction

Figure 8.20 shows the cyclic response curves of tripod bucket foundation in 180°
loading direction under the bonded contact, which are similar to that under the sepa-
rable contact condition. However, the foundation permanent rotation for the bonded
contact is relatively larger than that for the separable contact for the same cyclic
load ratio. Figure 8.21 shows the displacement field of tripod bucket foundation at
the instant of peak load for different cycle numbers when the cyclic load level is
0.5 FULS. The cumulative settlement of leeward bucket is larger than the upward
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Fig. 8.19 Displacement
field of tripod bucket
foundation at instant of peak
load for different cycle
number under the
bonded contact (0.5 FULS,
amplification factor of 1)
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displacement (almost 0) of windward bucket, and hence it causes the rotation of the
tripod bucket foundation. The bearing behavior of foundation is similar to that under
separation contact but the windward bucket lid is not separated from the internal soil
plug due to the bonded contact condition.

8.6 Two-Way Cyclic Loading Response of Tripod Suction
Bucket

Two-way cyclic loading is applied alternately at two loading angles of 0° (positive
load value) and 180° (negative load value) as per the schematic diagram shown in
Fig. 8.22. Because the ultimate bearing capacity is different for the two loading
angles in both bucket-soil contact types (separable or bonded), FULS is defined as the
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Fig. 8.20 Cyclic response curves of tripod bucket foundation in 180° loading direction under
bonded contact

smaller value of the two ultimate capacity values. Different cyclic load levels Fcyc

are then set with reference to FULS, i.e., Fcyc = 0.2, 0.4, and 0.6 FULS. Additionally,
displacement-controlled two-way cyclic loadings are performed to further clarify the
bearing mechanism of tripod bucket foundation.

8.6.1 Bucket-Soil Separable Contact

Figure 8.23 shows the cyclic response curves of tripod bucket foundation subjected to
two-way cyclic loading considering separable contact. Interestingly, the foundation
rotation angle gradually accumulates counterclockwise, even though it is subjected
to symmetrical two-way cyclic load. The accumulated settlement occurs for both
the ‘single bucket’ and the ‘double bucket’; however, the single bucket settlement is
much larger than the double buckets which results in gradual increase in foundation
counterclockwise rotation. This phenomenon is mainly attributed to the fact that the
compressive bearing capacity of ‘single bucket’ is significantly smaller than that of
‘double buckets’, and hence the former is more prone to settle than the latter under
the same vertical cyclic loads. Figure 8.24 shows the displacement filed of foundation
at the instants of positive and negative peaks of load for N = 1 and N = 100 when
the cyclic load level is 0.6 FULS. Figure 8.24a shows that the ‘single bucket’ at the
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Fig. 8.21 Displacement
field of tripod bucket
foundation at the instant of
peak load for different cycle
number (0.5 FULS,
amplification factor of 1)
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Fig. 8.22 Schematic diagram of load-time histories used for two-way cyclic loading
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positive peak load has a slightly upward displacement, while the ‘double bucket’ has
a slightly downward displacement; hence, the foundation rotates slightly clockwise
(positive rotation angle). By contrast, the foundation rotates slightly counterclock-
wise (negative rotation angle) at the first negative peak load as shown in Fig. 8.24b.
The ‘single bucket’ and the ‘double buckets’ experience large permanent settlements
as the number of cycles increases, and large counterclockwise rotation occurs at the
instant of both positive and negative peak load for N = 100 as shown in Fig. 8.24c
and d.

Figure 8.25 presents the load-rotation angle curve of displacement-controlled
cyclic loading of rotation angle amplitude is 0.25°, which can explain the difference
of bearing capacity under different loading directions. The decrease in foundation
stiffness (tangent slope of load-rotation angle curve) is larger under clockwise rota-
tion (positive rotation angle) compared to the counterclockwise rotation (negative
rotation angle). The foundation reaches its ultimate bearing capacity (the value for
Case 1 in Table 8.1) when rotating clockwise, but it is far from reaching its ultimate
bearing capacity (the value for Case 2 in Table 8.1) when rotating counterclockwise.
Interestingly, cyclic hardening occurs for clockwise rotation, i.e., the bearing capacity
gradually increases as the cycle number increases, while cyclic degradation occurs
for counterclockwise rotation, i.e., the bearing capacity gradually decreases as the
cycle number increases. This is attributed to the accumulation of permanent rotation
in the counterclockwise direction (negative rotation angle) during cyclic loading,

-1.0 -0.8 -0.6 -0.4 -0.2 0.0 0.2

-2

-1

0

1

2

 Fcyc=0.6FULS Fcyc=0.4FULS Fcyc=0.2FULS

FULS=3.3MN

L
at

er
al

 l
o

ad
 (

M
N

)

Rotation angle (°)
0 200 400 600 800 1000

-0.9

-0.8

-0.7

-0.6

-0.5

-0.4

-0.3

-0.2

-0.1

0.0

0.1

R
o

ta
ti

o
n

 a
n

g
le

 (
°)

Time (s)

 Fcyc=0.2FULS

 Fcyc=0.4FULS

 Fcyc=0.6FULS

(a) Load-rotation curves                                                    (b) Rotation-time curves 

0 200 400 600 800 1000
-0.05

-0.04

-0.03

-0.02

-0.01

0.00

0.01

V
er

ti
ca

l 
d

is
p

la
ce

m
en

t 
(m

)

Time (s)

 Single bucket

 Double bucket
Fcyc=0.2FULS

0 200 400 600 800 1000
-0.55

-0.50

-0.45

-0.40

-0.35

-0.30

-0.25

-0.20

-0.15

-0.10

-0.05

0.00

0.05

V
er

ti
ca

l 
d

is
p

la
ce

m
en

t 
(m

)

Time (s)

 Single bucket

 Double bucket
Fcyc=0.6FULS

(c) Vertical displacement-time curves 

Fig. 8.23 Cyclic response curves of tripod bucket foundation subjected to two-way cyclic loading
under separable contact
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Fig. 8.24 Displacement
field of tripod bucket
foundation at the instant of
positive and negative peak
load for different cycle
number (0.6 FULS,
amplification factor of 1)
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Fig. 8.25 Lateral
load-rotation angle curves of
tripod bucket foundation for
displacement-controlled
cyclic loading under
separable contact condition
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which increases the bearing capacity in the 0° loading direction and decreases the
bearing capacity in the 180° loading direction.

8.6.2 Bucket-Soil Bonded Contact

Figure 8.26 shows the cyclic response curves of tripod bucket foundation subjected
to two-way cyclic loading considering bonded contact. Same as the separable
contact, the tripod bucket foundation gradually rotates counterclockwise. However,
the permanent rotation angle is larger for the same cyclic load ratio, and it exceeds
the SLS value of the OWT at relatively high cyclic load level. On the other hand,
for small cyclic load (i.e., 0.2 FULS), the foundation exhibits ‘cyclic shakedown’
behavior. Figure 8.27 presents the foundation displacement field at the instant of
positive and negative peaks of load for N = 1 and N = 100 at 0.4 FULS, which
explains the large permanent counterclockwise rotation. The soil flow inmud surface
is very significant due to large settlement of the ‘single bucket’.

Figure 8.28 shows the load-rotation angle curve of displacement-controlled cyclic
loading with a rotation angle amplitude of 0.25°. Same as the separable contact case,
cyclic hardening occurs for clockwise rotation, while cyclic degradation occurs for
counterclockwise rotation. However, the peak load for clockwise rotation is larger
than that for counterclockwise rotation because the ultimate bearing capacity in the
0° loading direction is greater than that in the 180° loading direction for the bonded
contact. The foundation does not reach its ultimate bearing capacity in both the 0°
and 180° loading directions; therefore, the nonlinearity of load-rotation angle curve
is not as obvious as that in Fig. 8.25.
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Fig. 8.26 Cyclic response curves of tripod bucket foundation subjected to two-way cyclic loading
under bonded contact

8.7 Discussion

The obtained results and discussion correspond to the rotation behavior of tripod
suction bucket foundation under the two extreme conditions of ‘bonded contact’ and
‘separable contact’, which represent the upper and lower limit cases of the tensile
capacity of the suction bucket. However, for both the monotonic and cyclic loading,
the actual case should be between the two extreme cases. The tensile capacity of
suction bucket is closely related to the negative excess pore pressure inside the
bucket, and the magnitude of the negative pressure depends on the loading rate.
For the short-term loads, such as earthquake load or strong storm load, the negative
excess pore pressure will develop rapidly, and the bucket-soil contact is closer to the
bonded contact condition. For the long-term loads, such as wind, waves and current
loads during the whole service life of offshore wind turbine, the negative excess pore
pressure will gradually dissipate with time, and the bucket-soil contact is closer to
the separable contact condition. Therefore, the present numerical simulation results
under the bonded and separable contact conditions can provide some guidance for
the evaluation of the short-term and long-term bearing behavior of the tripod suction
bucket foundation, respectively. Given that it is difficult to quantitatively simulate
the development of negative excess pore pressure and accurately evaluate the bearing
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Fig. 8.27 Displacement
field of tripod bucket
foundation at the instant of
positive and negative peak
load for different cycle
number (0.4 FULS,
amplification factor of 1)
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Fig. 8.28 Lateral
load-rotation angle curves of
tripod bucket foundation for
displacement-controlled
cyclic loading under bonded
contact condition
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behavior of the tripod suction bucket foundation, the findings for the two extreme
cases provide important reference for engineering design.

In addition, the results indicated that the influence of bucket-soil contact condi-
tions on the bearing behavior of tripod suction bucket foundation is closely related
to the loading direction and cyclic loading mode. For the monotonic and cyclic
loading cases, the influence of contact condition on the bearing behavior of tripod
bucket foundation under 180° loading direction is more significant than that under
0° loading direction. In addition, the results revealed that the influence of contact
conditions on the bearing behavior of tripod bucket foundation under two-way cyclic
loading is more significant than that under one-way loading. These findings for
different loading directions and cyclic loading modes enhance our understanding of
the bearing behavior of tripod bucket foundations and provide some guidance for
their design.

Consistent with previous studies, the current study once again confirms that the
tripod suction bucket foundation transforms the lateral cyclic loads into a vertical
cyclic loading at each bucket element. Thus, the moment-rotation responses of the
tripod foundation can be evaluated by analyzing the compression-pullout behavior
of a single bucket. Existing tests on the tripod foundation in sands found that the
pullout resistance of the windward bucket was critical to the overall capacity of
the tripod system under lateral loads, and most of the large rotational displacements
occurred togetherwith thepullout displacements (Kimet al. 2014b; Jeonget al. 2021).
However, the self-weight of theOWTsuperstructurewas usually not considered in the
previous experimental research.Current research has found that the cyclic response of
tripod foundation is closely related to the self-weight of the superstructure and cyclic
load level. The vertical uplift load applied to the windward bucket is smaller than the
weight of the OWT system when the lateral cyclic load level is relatively small, so
the resultant vertical force on the windward bucket is still downward. Therefore, the
windward bucket experiences cumulative settlement under the resultant vertical force
during cyclic loading due to the degradation of the clay strength and stiffness around
the bucket. In many cases, it is the differential settlement between the windward
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bucket and the leeward bucket that causes the rotation of the tripod foundation in
clay. The influence of the vertical load level on the lateral cyclic response of the
tripod foundation should be studied in more detail in the follow-up work.

8.8 Summary

This chapter investigated the rotation behaviors of tripod suction bucket under
lateral monotonic and cyclic loading by performing three-dimensional finite element
analysis. The key conclusions can be summarized as follows:

(1) The numerical method developed based on a simplified bounding surface model
of clay was validated by comparing its predictions with experimental results
available in the literature.

(2) The ultimate bearing capacity for 0° loading (single bucket under uplift) is
smaller than that for 180° loading (double buckets under uplift) under sepa-
rable contact condition because the bearing capacity is dominated by the wind-
ward bucket (upward bucket). The ultimate bearing capacity for 0° loading
(double buckets under compression) is larger than that for 180° loading (single
bucket under compression) under bonded contact condition because the bearing
capacity is dominated by the leeward bucket (compression bucket).

(3) For the one-way cyclic loading in 0° direction for the separable contact condi-
tion, both the leeward and windward buckets experience different cumulative
settlements,which causes the foundation rotation. The rotation behavior is found
to be closely related to the level of horizontal cyclic load and the vertical dead
weight load of the OWT and buckets.

(4) For the one-way cyclic loading in 180° direction under the separable contact,
the foundation shows ‘cyclic shakedown’ behavior for small cyclic load levels,
and ‘cyclic degradation’ behavior for large cyclic load level. The cumulative
settlement of leeward bucket is large due to its low compressive bearing capacity,
which causes the foundation rotation.

(5) For the one-way cyclic loading in 0° direction under bonded contact, the foun-
dation cumulative rotation is greater than that under the separable contact for the
same cyclic load ratio. For high cyclic load levels, the windward bucket expe-
riences upward displacement and the leeward bucket experiences downward
displacement, which accelerates the foundation rotation.

(6) For the one-way cyclic loading in 180° direction under the bonded contact,
the bearing behavior of foundation is same as that under the separation contact
although the permanent rotation angle is larger than the separation contact condi-
tion. This is because the windward bucket lid is not separated from the internal
soil plug due to the bonded contact condition.
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(7) For the two-way cyclic loading under separable contact, both the ‘single bucket’
and ‘double buckets’ experience cumulative settlement but the settlement of
the single bucket is larger, which causes gradual increase of foundation coun-
terclockwise rotation. For the displacement-controlled cyclic loading, cyclic
hardening occurs for clockwise rotation, while cyclic degradation occurs for
counterclockwise rotation.

(8) For the two-way cyclic loading under bonded contact, the foundation exhibits
‘cyclic shakedown’ behavior for small cyclic load levels, and ‘cyclic degra-
dation’ behavior for large cyclic load levels. For displacement-controlled
cyclic loading, the load-rotation angle curve is similar to that under separable
contact; however, the peak load for clockwise rotation is larger than that for
counterclockwise rotation.

The present research has confirmed that the cyclic behavior of the tripod foun-
dation in clays is affected significantly by the bucket-soil contact conditions, the
loading direction and cyclic loading modes. These findings in this study can enhance
our understanding of the bearing behavior of tripod foundations and provide some
guidance for their design under complex load environment.
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Chapter 9
Seismic Responses of OWT Tripod
Suction Bucket in Clays

Tripod suction buckets offer many advantages as foundations for offshore wind
turbines including fast and economic installation and high overturning resistance. In
this application, tripod suction buckets are subjected to dynamic loads such as wind
and waves as well as earthquakes. However, their dynamic and seismic performance
characteristics in cohesive soils are not well covered in the literature. This chapter
investigates the dynamic behavior of tripod foundation installed in clay employing
advanced three-dimensional nonlinear finite element analysis. Its rotationmechanism
is analyzed considering different load cases including environmental loads, seismic
load or combined action of seismic and environmental loads. The dynamic response
was evaluated considering ground motions with varying intensity and frequency
content, and environmental loads with varying magnitudes. It was found that even
though the OWTs system may not experience instability failure due to the combined
action of seismic and environmental loads, it is likely to fail to meet the require-
ments of SLS due to large permanent rotation associated with large settlement of
the leeward bucket compared to that of the windward bucket. It was found that the
frequency content of the ground motion has a significant effect on dynamic response
of tripod foundation; larger permanent rotation can occur when the seismic predom-
inant frequency is close to the frequency ranges of 1p and 3p for the wind turbine
structure. The rotation angle of wind turbine structure depends on both the predom-
inant frequency and intensity of the ground motion. These observations should be
considered in the seismic design of tripod foundations of OWTs.

9.1 Introduction

Offshore wind turbine (OWT) foundations are subject to dynamic loads due to wind,
waves and earthquakes (Byrne andHoulsby 2003). These environmental loads induce
large overturning moments on the OWT foundations (Houlsby and Byrne 2000), and
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consequently, the resistance of OWT foundations to lateral loads and associated
moments is more critical than their resistance to vertical loads. In this regard, tripod
suction buckets represent a viable foundation option for OWTs. In addition to their
high overturning resistance, they have simple structure with convenient installation
at low construction cost, and potential for reuse. However, their resistance to envi-
ronmental and seismic loading is a challenging design consideration (Perveen et al.
2014).

A suction bucket foundation can be constructed in multiple configurations
including themonopod andmultiple-suction bucket foundations (e.g., tripod founda-
tion). The multiple-suction bucket foundation has the potential to improve the over-
turning resistance of OWTs by transferring the overturning moment of the whole
system into axial push–pull force of individual buckets. However, most available
studies on the seismic response of suction buckets-supported OWTs focused on the
performance of monopod suction bucket foundations installed in sand. A special
emphasis was placed on the accumulation of pore pressure in sand, and the effects of
skirt length, bucket diameter and dead weight on the seismic rotation and settlement
of monopod suction bucket (Yamazaki et al. 2003; Yu et al. 2014; Olalo et al. 2016;
Wang et al. 2017a; Zayed et al. 2019). These studies indicated that increasing the
diameter, skirt length or dead weight of the monopod suction bucket can enhance its
anti-seismic liquefaction capacity, and hence effectively reduce its rotation and settle-
ment. In recent years, some new types of bucket foundation have been researched,
such as the hybrid foundation consisting of a traditionalmonopile and awide-shallow
bucket, and their superiority over the traditional bucket foundation has been proved
(Chen et al. 2020; Li et al. 2021a, 2022). In addition to researching more reasonable
foundation forms to improve the bearing capacity of the OWT system subjected to
marine environmental loads such as wind, wave and current loads, vibration control
has also gaining focuses to avoid excessive vibration affecting the normal service of
OWT as the turbine tower becomes taller and more slender (Zuo et al. 2017; Sun and
Jahangiri 2018; Chen et al. 2021).

Offshore wind turbines located in seismic active regions are susceptible to earth-
quakes, in addition to wind and wave dynamic loads. Therefore, the combined action
of environmental loads and seismic forces should be considered when evaluating
the seismic response of OWT suction bucket foundation. Several researchers inves-
tigated the bearing capacity and deformation characteristics of monopod suction
buckets under lateral cyclic loading caused by winds and waves (Houlsby et al.
2005b; Wang et al. 2006, 2017b; Zhu et al. 2013, 2018; Cox et al. 2014; Foglia and
Ibsen 2016; Hung et al. 2018; Cheng et al. 2018, 2020). These studies provided good
understanding of lateral cyclic behavior of the monopod suction bucket, such as the
evolution of its cumulative rotation and unloading stiffness with the load cyclic load
amplitude, frequency, direction and number of cycles. Many of the findings of these
studies are relevant to the seismic response of monopod suction buckets.

The bearing mechanism of multiple-suction bucket under overturning moment
is different from that of the monopod bucket. Multiple-bucket foundation resists
the overturning moment by vertical uplift and compression behaviors of individual
buckets, while monopod suction bucket mainly depends on rigid rotation (Kim
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et al. 2014c; Zhang et al. 2016). Therefore, some studies evaluated the behavior
of monopod bucket under vertical loading instead of considering multiple-suction
buckets under lateral loading or overturning moment (Kelly et al. 2006; Lu et al.
2007; Jeong et al. 2019). Centrifugal model studies were conducted to compare the
horizontal cyclic behaviors of monopod suction bucket and tripod suction bucket
foundations. Kim et al. (2014a) reported that the moment-rotation relationship of the
tripod suctionbucket exhibited an almost bilinear response,while that of themonopod
one displayed a continuous hardening response. Wang et al. (2018a) observed that
the cumulative rotation of monopod suction bucket in medium dense sand increased
monotonically as the number of load cycles increased, while the rotation of tripod
suction bucket increased at the initial stage of cyclic loading but then gradually
decreased, showing a favorable “self-healing” behavior. Jeong et al. (2021) confirmed
that the cyclic behavior of the tripod foundation was affected by the load level
and direction. These studies demonstrated that the performance characteristics of
monopod suction bucket foundations differ from those of the tripod suction bucket
foundation. However, there are few reports on the behavior of tripod suction bucket
under earthquakes.

Dynamic soil-structure interaction (SSI) of foundations has major influence on
the seismic response of OWTs system and has been extensively investigated through
numerical simulation. DynamicWinkler models involving springs and dampers have
been utilized (Zhao andMaisser 2006; Zhong andHuang 2014;Kim et al. 2014b; Zuo
et al. 2018;Wanget al. 2018b).However, the dynamicWinklermodel is overly simpli-
fied to accurately simulate the complex bucket-soil dynamic interaction as it ignores
the soil continuity. In addition, it is difficult to consider the effect of soil stiffness
degradation and deformation accumulation on the dynamic response of the OWTs
system under earthquake, especially considering the flow mechanism of soil around
foundation. On the other hand, time domain numerical analyses employing nonlinear
soil constitutive models are more suitable for simulating dynamic bucket-soil inter-
action (Kourkoulis et al. 2014; Cerfontaine et al. 2016; Li et al. 2017; Asheghabadi
et al. 2019;Cheng et al. 2024).However, the availability of proper constitutivemodels
of complex nonlinear dynamic soil response and the computational effort and cost
hinder the development of this method.

The literature review indicated scarce information on the dynamic response of
tripod suction bucket foundations installed in cohesive soil and subjected to earth-
quake and environmental loads. Unlike sandy soil foundation, cohesive soil founda-
tion is not prone to liquefaction, but significant total settlement and uneven settlement
may occur under earthquake, which will affect the normal operation of the OWTs.
Therefore, this study investigates the dynamic behavior of tripod suction bucket
foundations installed in cohesive soils under seismic and environmental loading
(Cheng et al. 2022). Three-dimensional finite element analyses of OWT system are
performed considering the soil nonlinearity using a simplified kinematic hardening
soil constitutive model. The rotation mechanism of tripod foundations in clays is
analyzed, and various factors affecting their seismic responses are discussed.
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9.2 Numerical Method

9.2.1 Finite Element Model

A three-dimensional finite element model is established employing the finite element
software ABAQUS (Dassault Systemes Simulia Corp 2014) to simulate the interac-
tion between cohesive soil and tripod suction buckets considering the specifications
of a typical Vestas V90 3MW wind turbine (see Table 9.1). A schematic of the
main environment of the OWT is shown in Fig. 9.1a. The OWT system consists
of three-blade rotor, nacelle, tower, substructure, triple suction buckets, and soil as
shown schematically in Fig. 9.1b. The wind turbine and suction buckets are made
of steel with Young’s modulus = 210 GPa, Poisson’s ratio = 0.27 and density =
7850 kg/m3. The assembly of rotor blades, nacelle, and hub weighs 105 kg (Nam
et al. 2019). Exploiting the symmetries of the geometry and loading conditions, the
model simulates only one half of the system, as shown in Fig. 9.2a, to improve the
computational efficiency, while Fig. 9.2b displays the overall outline of the whole
OWT system for clarity. A plan view of the system is shown in Fig. 9.2c. A sensi-
tivity study was conducted to establish the length, width and height of soil domain
in order to eliminate the boundary effects on the results. Soil domain with different
sizes aremeshed to calculate dynamic responses (such as rotation angle-time history)
of suction bucket under earthquake. The size is considered to be appropriate when
it has little effect on calculation results. It was found that mesh size of 62 m ×
30 m × 20 m (length × width × height) is sufficient to avoid boundary effects
on the obtained results. The soil and OWT structure were discretized by 43,092 8-
node linear brick elements with reduced integration (C3D8R), while the blades, hub
and nacelle were discretized using 3453 quadratic tetrahedral elements (C3D10).
To improve computational accuracy and efficiency, a finer mesh was applied within
the depth of embedment layer where nonlinearity is expected to be more prominent,
while coarser mesh was applied away from the foundation.

The interaction between the tripod suction buckets and surrounding soil was simu-
lated utilizing the surface-to-surface contact method. The surface of suction buckets
was defined as themaster surface (relatively stiff), and the soil surface in contact with
suction buckets was defined as the slave surface (relatively soft). Hard contact was
set in the normal direction of contact surface (both inner and outer walls of bucket),
which allowed separation between the interface elements when they are subjected to
tension. The penalty contact method was used in the tangential direction. When the
two surfaces are in contact, the interface behavior is governed by Coulomb’s friction
theory. The critical friction shear stress τcrit at the contact surface can be expressed
by τcrit = μ · pc in terms of frictional coefficient μ and contact pressure pc, with
μ = 0.3 in this study. When the shear stress at the contact surface exceeded τcrit,
tangential slip occurred.

Normal horizontal constraints were applied to the vertical face of symmetry to
prevent the out-of-plane movement. The base boundary of the model was simulated
as rigid bedrock, and the top boundary was fully free. For the vertical boundaries,
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Table 9.1 Dimensions of OWT model

Property Symbol Dimension

Tower diameter Dtw 4 m

Tower length Ltw 60 m

Tower wall thickness ttw 4 cm

Main substructure diameter Dm 4 m

Main substructure length Lm 30 m

Main substructure wall thickness tm 12 cm

Suction buckets diameter Dsb 6 m

Suction buckets length Lsb 3 m

Suction buckets wall thickness tsb 5 cm

Supporting structure diameter Dss 1.5 m

Supporting structure wall thickness tss 5 cm

Substructure center to suction buckets distance Dcs 10 m

Center-to-center distance between the buckets Dcc 17.3 m

Fig. 9.1 Schematic of OWT system with the tripod suction bucket: a main environment of the
OWT and b components of the OWT

equivalent displacement constrains were introduced to simulate the seismic response
of infinite horizontal strata. The nodes with the same height on both sides of the
analytical region are bound together (the displacement is always consistent), forcing
the opposite vertical sides to move simultaneously preventing any rotation, as shown
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Fig. 9.2 3D finite element model of OWT system with the tripod suction bucket in clays

in Fig. 9.2, to eliminate the effect of reflected waves (Tsinidis et al. 2014; Gao et al.
2021).

The clay nonlinear dynamic behavior is simulated employing the total stress-
based simple kinematic hardeningmodel available in Abaqus library, which has been
elaborated in detail in Sect. 7.2 of Chap. 7. In particular, the model has been validated
and successfully applied to the seismic response analysis of single suction bucket
(Zhang et al. 2021). The constitutive model contains only three model parameters,
i.e., σ|0 , C and γr, which are related to soil shear strength, Su. The initial yield stress
σ|0 actually represents the range of elastic domain of soil, which may be determined
byσ|0 = λ

√
3Su, andλ is 0.1 in this study. The initial kinematic hardeningmodulusC

represents the initial stiffness of the soil, which is considered to be equal to the elastic
modulus E. Empirically, E can be taken as the multiple of undrained strength Su,
that is, C = E = κSu, in this study, κ is taken to be 1440. Finally, γr determines the
decreasing rate of kinematic hardening modulus as plastic deformation increases,
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which can be determined by γr = C/
(√

3Su − σ|0
)
. In this study, the undrained

shear strength Su is assumed to increase linearly with depth, i.e., Su = Su0 + kz, z is
the depth of soil layer, k is the shear strength increment per unit depth and Su0 is the
undrained shear strength at mud surface, as shown in Fig. 9.1. Su0 = 20 kPa, and k
= 3. Therefore, the model parameters are actually related to the soil depth, which
can be realized through the user-defined field variables in ABAQUS.

9.2.2 Loads on OWT System

9.2.2.1 Wind Loads

The wind load acting on the OWTs can be divided into two components: load acting
on turbine tower and load acting on turbine blades. The wind load acting on the
turbine tower is a distributed force that can be given by (Binh et al. 2008)

Fsh(z) = 0.5ρaCDD(V + v)2 (9.1)

where ρa is the air density which can be assumed as 1.225 at 15 °C and 1 atm; D
is the tower diameter; V (z) and v(z, t) are the mean and fluctuating wind velocity
along the tower, respectively;CD is the drag coefficient, which depends on Reynold’s
number and surface roughness (Det Norske Veritas (DNV) 2010), and CD = 1.2 in
this study. The wind loads at different locations along the tower are different. In order
to simplify the analysis, the tower is divided into six segments, each with a length
of 10 m, and drag force is assumed to be uniform within each segment. In the finite
element model, a reference point is defined at the midpoint of each segment, coupled
with the cross-section of the corresponding segment, and then wind loads are applied
on these reference points.

During OWT operation, the blades rotate and a thrust force is created in the wind
direction at the tower top, which can be approximated by Bernoulli’s equation as
(Lee et al. 2010), i.e.,

FT = 0.5ρaπR
2
TV

2
s (1 + 2vs/Vs)CT (9.2)

where Vs and vs are the mean and fluctuating wind velocity at the hub height, respec-
tively; RT is rotor radius, which is 45.6 m (Nam et al. 2019); CT is thrust coefficient
and CT = 4α(1 − α), where α is axial induction factor, with a value range of [0–1]
and taken α = 0.5 in this study, which renders maximum CT (Hansen 2008). FT is
applied on the hub center in the form of longitudinal point load.

The Davenport wind speed spectrum (Davenport 1961, 1967) and the autoregres-
sive (AR) model in linear filtering method are used to simulate the fluctuating wind
velocity (Iannuzzi and Spinelli 1987). Three mean wind velocities at height of 10 m
are selected in this study, i.e., V10 = 8, 10 and 12 m/s. Figure 9.3a shows the wind
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Fig. 9.4 Wind load time
history at the hub
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velocity time history at the hub for V10 = 8m/s and Fig. 9.3b compares its power
spectral density (PSD) with the target spectrum. The calculated spectrum agrees well
with the target spectrum as shown in Fig. 9.3b. For V10 = 8m/s, the simulated wind
load time history at the hub is shown in Fig. 9.4.

9.2.2.2 Wave Loads

The stochastic wave elevation can be established by using the empirical equation on
the PSD of the wave elevation proposed by Pierson and Moskowitz (1964; Yu 1981)

Sηη(ω) = 0.78ω−5 exp
(
−3.11ω−4H−2

1/3

)
(9.3)

where H1/3 is the significant wave height, ω is the angular frequency.
The sea surface elevation η(t) in the time domain can then be simulated as (Zhao

and Hu 2012):

η(t) =
m∑
i=1

αi cos(kix − ωit + εi) (9.4)
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where η(t) is the instantaneous height of fluctuating water surface relative to static
water surface; x indicates position, namely x = 0; αi, ki and ωi are the amplitude,
wave number and angular frequency of the ith component wave, respectively; t is
time and εi is an independent random variable representing phase of each component
wave uniformly distributed in the range of [0, 2π];αi can be calculated using Eq. (9.5)
(Ren and Wang 2004)

αi = √
2Sηη(ωi)ωi (9.5)

in which the exact meaning of symbol ωi and ωi can be found in (Yu 1981).
In this study, three significant wave heights H1/3 = 5m, 10 m and 14 m are

selected. Figure 9.5 compares the calculated and target power spectral density for
H1/3 = 5m. It can be seen that the calculated spectrum agrees well with the target
spectrum.

The Morison formula can be used to calculate the sea wave load on the tower
(Det Norske Veritas (DNV) 2010). Accordingly, the horizontal sea wave load df per
length dz can be calculated as (Cao et al. 2020):

df = dfD + dfI = 1

2
ρCDDvx|vx|dz + π

4
ρCMD

2axdz (9.6)

where dfD is the drag force and dfI is the inertia force; the water density, ρ =
1030 kg/m3;CD,CM are the drag and inertia coefficients, respectively, andCD = 1.2,
CM = 2.0 in the simulation; D is the tower diameter; vx and ax are the wave induced
velocity and acceleration of water, respectively, in the horizontal direction (Yu and
Kang 1982; Zuo et al. 2018).

The tower part in the water is divided into three segments; each is 10 m. In the
finite element model, a reference point is defined in each segment and coupled with
the cross-section of the corresponding segment, and then sea wave loads are applied
on these reference points. Figure 9.6 shows the simulated typical sea wave load time
history (significant wave height H1/3 = 5 m).

Fig. 9.5 Calculated and
targeted power spectral
density of wave load acting
on structure
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Fig. 9.6 Simulated typical
sea wave load time history
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9.2.2.3 Hydrodynamic Pressure Caused by Earthquake

A vibrating tower in sea water will bear additional force due to hydrodynamic pres-
sure associated with its motion. The interaction between water and tower can be
simulated by the equivalent mass of water, that is, the additional mass method (Liaw
and Chopra 1974). The addedmass of tower can be expressed by (Det Norske Veritas
(DNV) 2010)

ma = CaApρw (9.7)

where Ca is the added mass coefficient and Ca = 1.0 in the simulation (Cao et al.
2020); ρw is the sea water density; Ap is the section area of the tower. In dynamic
analysis, the calculated mass of the tower part in water should be the sum of the
added mass and the actual mass of the tower.

9.2.2.4 Seismic Loads

The natural frequency ranges of 1p and 3p for the Vestas V90 3 MW wind turbine
structure is usually < 0.93 Hz (Arany et al. 2016). In order to investigate the effect of
frequency content of ground motion on the seismic response of OWT system, three
seismic records with different predominant frequencies are selected. The predom-
inant frequencies for Kobe, Loma Prieta and Northern California seismic waves
are 0.8 Hz, 1.1 Hz, and 1.6 Hz, respectively. The acceleration time history and
response spectra for these three ground motion records are shown in Fig. 9.7. The
peak ground acceleration (PGA) of ground motion is scaled to be 0.3 g. The dura-
tion of an earthquake signal is defined as the time between the first exceedance of a
certain acceleration threshold (taken as 0.05 g in the study) and the last exceedance
of this threshold (Bolt 1973), as shown in Fig. 9.7. The bottom of the finite element
model is considered to be rigid bedrock, and the input ground motion is applied as
vertically propagating shear wave (SV) represented by the acceleration time history
at the bottom of the model, as demonstrated in Fig. 9.2.
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9.2.3 Numerical Analysis Steps

In order to systematically investigate the bearing mechanism of tripod suction bucket
foundation in cohesive soils, three load cases are considered: combined action of
seismic and environmental loads, seismic load only and environmental load only.
Depending on different load cases, the analysis steps are somewhat different. For
example, the dynamic analysis considering the combined action of seismic and
environmental loads is carried out according to the following three steps.

Step 1: Geostatic stress balance analysis. Gravity is applied to the soil domain to
establish the initial stress field. Meanwhile, the initial displacement field is set to
0.
Step 2: The dynamic wind and wave loads with a duration of 30 s are applied
to the OWT. Dynamic responses of OWT system under environmental loads is
calculated by dynamic implicit method.
Step 3: The seismic load is applied to OWT system along with the wind and wave
loads for 30 s. Dynamic responses of OWT system under the combined action of
seismic and environmental loads is calculated by dynamic implicit method.

The damping of OWT system is considered in the dynamic analysis. The total
dampingofOWTsystem is considered to be a linear superpositionof various damping
sources (Damgaard et al. 2013), which is usually comprised of structural damping,
aerodynamic damping, hydrodynamic damping and soil damping. In this study, the
structural damping ratios of blades and the tower of 1 and 0.43% (Jonkman et al.
2009), the hydrodynamic damping ratio of 0.23% (Arany et al. 2016), and the soil
damping ratio of 5% are considered.

9.3 Numerical Simulation Results

9.3.1 Rotation of the Tripod Suction Bucket

9.3.1.1 Combined Action of Environmental Load and Seismic Load

Figure 9.8 presents the displacement vector diagram of the tripod suction bucket at
the end of the combined action of seismic and environmental loads (Loma Prieta
earthquake record scaled to PGA = 0.3 g, significant wave height m H1/3 = 5m
and mean wind velocity V10 = 8m/s). Figure 9.8 demonstrates that the bucket on
the windward side (windward bucket) and the bucket on the leeward side (leeward
bucket) experienced significant settlement. The settlement of the leeward bucket was
more significant than that of thewindward bucket,which caused the tripod foundation
to rotate in the downwind direction. Figure 9.9a shows the rotation time history of
the windward and leeward buckets. The rotation of the two were almost identical,
and either can represent the rotation of the tripod foundation as a whole. During the
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action of wind andwave load (first 30 s), there was no obvious accumulation of tripod
foundation rotation, and only slight shaking occurred. During the combined action
of seismic and environmental loads (30 s–60 s), both the vibration rotation angle and
permanent rotation angle increased significantly. Here, we define the rotation that
can be recovered after unloading as vibration rotation, the unrecoverable rotation as
permanent rotation, and the maximum value of rotation as the peak rotation as shown
in Fig. 9.9a. At the end of the earthquake record, the permanent rotation angle has
exceeded the allowable rotation angle of 0.25° in the serviceability limit state (SLS)
ofOWTs. Therefore, during the combined action of seismic and environmental loads,
even if there is no instability failure of the OWTs system, it is very likely to fail to
meet the requirements of SLS due to large permanent rotation. Figure 9.9b shows
the vertical displacement time history of the windward and leeward buckets, which
further confirmed quantitatively that the settlement of the leeward bucket was much
greater than that of the windward bucket. The uneven settlement of the buckets on
the windward and leeward sides was the direct cause of the rotation of the tripod
foundation.

Figure 9.10a and b compare the horizontal displacement time history of the bucket
and soil for Point A on the windward side and Point B on the leeward side marked

Fig. 9.8 Displacement vector diagram of tripod suction bucket at the end of combined action of
seismic and environmental loads (amplification factor of 3)

0 10 20 30 40 50 60
-0.35

-0.30

-0.25

-0.20

-0.15

-0.10

-0.05

0.00

0.05

Peak rotation

(a)

Time (s)

R
o

ta
ti

o
n

 a
n

g
le

 (
°)

Windward

 Leeward
Vibration rotation

Permanent rotation 

0 10 20 30 40 50 60
-12

-10

-8

-6

-4

-2

0

2 (b)

Time (s)

V
er

ti
ca

l 
d

is
p

la
ce

m
en

t 
(c

m
)

Windward

 Leeward

Fig. 9.9 Rotation and vertical displacement time history of the windward and leeward buckets:
a rotation angle-time history; b vertical displacement–time history
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Fig. 9.10 Comparison of horizontal displacement time history of bucket and soil: a Point A on the
windward side; b Point B on the leeward side

in Fig. 9.8. During the combined action of seismic and environmental loads, signifi-
cant horizontal vibration displacement occurred for the bucket on the windward and
leeward sides, but there was no significant horizontal permanent displacement at the
end of the earthquake. It can be seen from Fig. 9.10a that the horizontal displacement
of the soil at Point A was slightly larger than that of the bucket. Hence, at the end
of the earthquake, a gap opened at the bucket-soil interface at Point A, which can be
observed in Fig. 9.8. The horizontal displacement time histories of bucket and soil
were completely consistent, i.e., the bucket and soil were still bonded at Point B.

It should be noted that the absolute horizontal displacement caused by the hori-
zontal movement of the soil layer under earthquake is significant, but the relative
horizontal displacement of bucket-soil is very small, as shown in Fig. 9.10. For
the tripod suction bucket foundation, significant relative vertical displacement rather
than horizontal displacement occurs between bucket and soil, because the overturning
moment of the whole foundation system transfers into vertical push–pull force of
individual bucket. Similar performance can be observed for other loading condi-
tions to be discussed below, such as seismic load only and environmental load only.
Limited to space, the following sections mainly discusses the vertical displacement
of each bucket.

Figure 9.11 shows shear stress–strain curves of some typical nodes around the
tripod foundation. The locations of these nodes are shown in Fig. 9.11a. These shear
stress–strain curves clearly demonstrate nonlinear hysteresis and strain accumulation
as shown in Fig. 9.11b. The shear strain magnitude ranged from 1 E–3 to 6 E–2. The
curves of Nodes 9400, 13,285, 30,332 and 10,608 show that the shear strain at both
sides of the bucket wall accumulated appreciably, although in opposite directions. In
particular, the cumulative shear strain of Node 30,332, which is located on the side
of leeward bucket wall in the downwind direction and experienced greater passive
earth pressure, was the most significant. The accumulation of plastic shear strain for
these nodes can well explain the accumulated rotation of the suction bucket during
earthquake. It should be noted that the shear stress–strain curves of Nodes 2351 and
2422 had good symmetry, with relatively large vibration strain and small permanent
strain, which is mainly due to the symmetry of the shear stress suffered by the two
nodes in a special position just below the bucket.
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9.3.1.2 Seismic Load Only

The earthquake record, wind andwave loads used in this section are the same as those
in Sect. 9.3.1.1. The wind and wave loads were also applied in the first 30 s, but they
were removed and only the seismic load was applied in the last 30 s. In order to
highlight the dynamic response of the OWT under seismic load, Fig. 9.13 only gives
the time history during the seismic load period. Figure 9.12 shows the displacement
vector diagram of the tripod suction buckets under seismic load only. It should be
noted that the tripod foundation rotated in the windward direction under the seismic
load alone, which is just opposite to the result of the combined action of seismic and
environmental loads shown in Fig. 9.8. The comparison of rotation time histories
for the two cases presented in Fig. 9.13a further verifies this point. The vibration
rotation of the tripod foundation was also larger than the permanent rotation under
seismic load only. However, under the combined action of seismic and environmental
loads, the permanent rotationwasmore significant than the vibration rotation, and the
final permanent rotation was also much larger than that under earthquake load only,
but in the opposite direction. Therefore, we can infer that the environmental loads
would significantly increase the rotation angle of the tripod foundation and change
its rotation direction. Figure 9.13b shows the vertical displacement time history of
the buckets on the windward and leeward sides in both cases. Figure 9.13b shows
that both windward and leeward buckets experienced significant settlement under
the seismic load. However, the difference between the settlements of the two buckets
was small, that is, the uneven settlement was small, which resulted in relatively small
permanent rotation of the tripod foundation. When the wind turbine was subjected to
the combined action of seismic and environmental load, the uneven settlement was
large, so the permanent rotation was relatively large.

Fig. 9.12 Displacement vector diagram of tripod suction bucket at the end of seismic load only
(amplification factor of 3)
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Fig. 9.13 Comparisonof dynamic response under seismic loadonly and combined action of seismic
and environmental loads: a rotation angle-time history; b vertical displacement–time history

9.3.1.3 Environmental Load Only

Figure 9.14 displays the displacement vector diagram of the tripod suction bucket
under environmental loads only. The wave and wind loads were calculated for signif-
icant wave height H1/3 = 5m and mean wind velocity V10 = 12m/s. Figure 9.14
demonstrates that the windward bucket experienced upward displacement and the
leeward bucket experienced downward displacement, which caused the tripod foun-
dation to rotate in the downwind direction. This phenomenon is also different
from that observed behavior for the combined action of seismic and environmental
loads (Fig. 9.8), where the both windward and leeward buckets experienced down-
ward settlement and the tripod foundation also rotated in the downwind direction.
Figure 9.15a and b, respectively, show the rotation angle and vertical displacement
time histories of the tripod foundation under different wind speeds (total duration
of 30 s). As can be seen from Fig. 9.15b, the upward displacement of the windward
bucket was greater than the downward displacement of the leeward bucket. This
finding is consistent with the results of cyclic horizontal loading tests onmodel tripod
suction reported by Jeong et al. (2021). This is because the pullout bucket capacity
was less than its compressive capacity. In addition, as the wind speed increased, the
upward displacement of the windward bucket increased significantly, and the differ-
ence in vertical displacement between the windward and leeward buckets increased.
As a result, the rotation of the tripod foundation became more significant as shown
in Fig. 9.15a.

9.3.2 Influence of Seismic Intensity and Frequency Content

Four analyses were conducted considering different peak ground acceleration (PGA)
to investigate the impact of earthquake intensity on the dynamic response of the wind
turbine system subjected to the combined action of seismic and environmental loads.
For these four cases, Loma Prieta wave was used as the input ground motion. The
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Fig. 9.14 Displacement vector diagram of tripod suction bucket under environmental loads only
(amplification factor of 3)
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Fig. 9.15 Dynamic response of tripod suction bucket under environment loads only: a rotation
angle-time history; b vertical displacement -time history

wave and wind loads were evaluated considering significant wave heightH1/3 = 5m
and mean wind speed V10 = 8m/s.

Figure 9.16a demonstrates that, as expected, both the vibration and permanent
rotations of the tripod foundation increased as PGA increased. In particular, the
vibration rotation increased significantly at the instant of peak acceleration. For
the soil conditions and geometric dimensions of the foundation considered in this
study, when PGA is 0.3 g and 0.4 g, the permanent rotation angle exceeds the limit
of 0.25° in the serviceability limit state (SLS) of OWTs. Figure 9.16b displays the
vertical displacement time histories of windward and leeward buckets under different
PGA. Figure 9.16b shows that the vertical displacement of both buckets increased
as PGA increased. However, the increase in vertical displacement of leeward bucket
was higher. This significant increase of the leeward bucket settlement was the main
reason for the increase of permanent rotation of the tripod foundation as seismic
intensity increased.

In order to investigate the effect of ground motion frequency content on seismic
response of the tripod suction bucket, numerical simulations were performed for
three different seismic records shown in Fig. 9.7, i.e., Northern California, Kobe
and Loma Prieta considering PGA = 0.3 g. Wave and wind loads were evaluated
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Fig. 9.16 Dynamic response of the tripod suction bucket in clay under different PGA: a Rotation
angle-time curves; b Settlement-time curves

considering H1/3 = 5m and V10 = 8m/s. The time histories of rotation angle of
tripod suction bucket for the three seismic records are shown in Fig. 9.17. It can be
seen that the rotation angle was much higher for Kobe earthquake compared with the
other two records because the predominant frequency of the Kobe record (0.8 Hz)
was closer to the 3P frequency of the 3 MW wind turbine structure, causing some
resonance. However, the rotation angle of the wind turbine structure does not depend
solely on the predominant frequency of the seismic wave. It is also closely related to
the duration of ground motion, which can be confirmed by comparing the response
of Loma Prieta earthquake record and Northern Calif earthquake record in Fig. 9.17.
The duration of Loma Prieta earthquake record is significantly shorter than that of
Northern Calif record as shown in Fig. 9.7; thus, the rotation angle of the former is
smaller than that of the latter, although the predominant frequency of the former is
closer to the 3P frequency of the wind turbine structure than that of the latter. The
comparison demonstrates that the duration of the ground motion has a significant
effect on the tripod foundation seismic response, and the rotation angle depends on
the intensity, predominant frequency and duration of the ground motion.

Fig. 9.17 Rotation
angle-time history of tripod
suction bucket for three
different seismic waves
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9.3.3 Influence of Magnitude of Environmental Loads

Three analyses were conducted considering different wind speeds to investigate the
impact of wind load magnitude on the dynamic response of the wind turbine system
subjected to the combined action of seismic and environmental loads. For these three
cases, Loma Prieta earthquake record with PGA of 0.3 g was used as the input round
motion, and significant wave heightH1/3 = 5m was used to establish the wave load.
Figure 9.18 shows the dynamic response of the tripod foundation for the different
loading conditions. The results clearly demonstrate that the increase in wind speed
resulted in a significant increase in the foundation permanent rotation. When the
mean wind speed V10 increased from 8 m/s to 12 m/s, the permanent rotation almost
doubled as shown in Fig. 9.18a. In addition, Fig. 9.18b shows that the wind speed
has a greater impact on the vertical displacement of the windward bucket than that of
the leeward bucket due to relative low pullout capacity of suction bucket compared
with its compressive capacity.

It should be noted that the windward bucket moved downward under earthquake
loading only as shown in Fig. 9.12, but the windward bucket moves upward under
environmental loads only as shown in Fig. 9.14. When earthquake and environ-
mental loads act together, the environmental load magnitude, especially the wind
load magnitude, has a significant impact on the vertical displacement of windward
bucket. Figure 9.19 shows the displacement vector diagram of the tripod foundation
when the mean wind speed V10 = 12m/s under the combined action of seismic and
environmental loads. Compared with the results for V10 = 8m/s shown in Fig. 9.8,
themovement of thewindward bucket changed fromdownwardmovement to upward
movement due to the increase of wind load. This behavior can be confirmed by the
vertical displacement time history in Fig. 9.18b. Therefore, the wind load magnitude
is a very important factor to be considered in the seismic design of tripod foundation.

In order to investigate the impact ofwave loadmagnitude on the dynamic response
of the wind turbine system subjected to the combined action of seismic and environ-
mental loads, three different significant wave heights were considered to represent
different wave load magnitude, meanwhile the same seismic load and wind load
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Fig. 9.18 Dynamic response of the tripod suction bucket under different wind speed: a rotation
angle-time curves; b vertical displacement–time curves
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Fig. 9.19 Displacement vector diagram of the tripod suction bucket in clay under the combined
action of seismic and environmental loads when the wind speed V10 = 12m/s (amplification factor
of 3)

were applied (i.e., Loma Prieta earthquake record with PGA of 0.3 g, the mean wind
speed V10 = 8m/s). Figure 9.20 shows dynamic response of the tripod foundation
under different significant wave heights. Obviously, increasing the wave load magni-
tude significantly increased the vibration rotation of the tripod foundation. However,
interestingly, unlike wind loads, increasing the wave loadmagnitude does not always
result in an increase of permanent rotation, as the cases of H1/3 = 5m and 10 m
shown in Fig. 9.20a. The constant mean wind load is dominant, although the wind
load can be decomposed into a constantmeanwind load and a fluctuating component.
Therefore, the wind load can be approximately regarded as one-way dynamic load
(no reverse load as shown in Fig. 9.4). The constant mean wind load mainly causes
permanent rotation, while the fluctuating wind load mainly causes vibration rotation.
The increase of wind speed will increase the constant mean wind magnitude more
significantly, resulting in a significant increase in permanent rotation. However, the
wave load is typically a two-way dynamic load, and the mean load is almost null as
shown in Fig. 9.6. Therefore, increasing the wave load magnitude will significantly
increase the vibration rotation. Seismic load is actually also a two-way dynamic load.
When seismic and wave loads are coupled, they are not simple linear superposition,
but may weaken or enhance each other, which depends on their loading time history
and spectrum characteristics. Hence, compared with the wind load, the influence of
wave load on permanent rotation of wind turbine during earthquake is more complex,
and further research is still needed.

9.4 Summary

This chapter investigated the dynamic behavior of tripod suction bucket founda-
tion installed in clays supporting offshore wind turbine under seismic and environ-
mental loading by performing three-dimensional finite element analysis. The key
conclusions can be summarized as follows:
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Fig. 9.20 Dynamic response of the tripod suction bucket under different significant wave heights:
a rotation angle-time curves; b vertical displacement–time curves

(1) When OWTs system is subjected to the combined action of seismic and envi-
ronmental loads, even if there is no instability failure of the OWTs system, it is
likely to fail to meet the requirements of SLS due to large permanent rotation.
The settlement of the leeward bucket is much greater than that of the windward
bucket. The uneven settlement of the bucket on the windward and leeward sides
is the direct cause of the rotation of the tripod foundation.

(2) The vibration rotation of the tripod foundation is larger than the permanent
rotation under single seismic load. However, under the combined action of
seismic and environmental loads, the permanent rotation is more significant
than the vibration rotation. The environmental load will significantly increase
the permanent rotation of the tripod foundation and change its rotation direction.

(3) When OWTs system is subjected to environment loads only, the windward
bucket moves upward and the leeward bucket moves downward, which causes
the tripod foundation to rotate in the downwind direction. The main reason is
that the bucket uplift capacity is less than its compressive capacity.

(4) With the increase of PGA, the vibration and permanent rotations of the tripod
foundation increase significantly. Compared with the windward bucket, the
impact of earthquake intensity on leeward bucket is more significant. The signif-
icant increase of the leeward bucket settlement is themain reason for the increase
of permanent rotation of the tripod foundation with seismic intensity.

(5) The seismic frequency content has a significant effect on dynamic responses of
tripod foundation. Larger permanent rotation occurs when the seismic predom-
inant frequency is closer to the frequency ranges of 1p and 3p for the wind
turbine structure. The rotation angle of the wind turbine structure depends on
the intensity, predominant frequency and duration of the ground motion

(6) The constant mean wind load mainly causes permanent rotation, while the fluc-
tuating wind load mainly causes vibration rotation. The increase of wind speed
will increase the constantmeanwindmore significantly, resulting in a significant
increase in permanent rotation of tripod suction bucket foundation.

(7) Seismic load and wave loads are both two-way dynamic loads. When seismic
and wave loads are coupled, they are not simple linear superposition, but may
weaken or enhance each other, which depends on their loading time history
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and spectrum characteristics. Hence, compared with wind load, the influence
of wave load on permanent rotation of wind turbine during earthquake is more
complex.

It should be noted that the efficiency of individual bucket units is affected by
spacing due to the overlapping of the resisting zones. Spacing between buckets
affects the bearing capacity and dynamic responses of the soil foundation system
under seismic and environmental loads. Although this point is not the focus of this
chapter, it should be paid attention to in engineering design, and needs to be deeply
discussed in future research work.
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Chapter 10
Summary and Prospect

10.1 Summary

The chapters of the book can be summarized as follows:

(1) In Chap. 1, the research background and significance are introduced. It summa-
rizes and analyzes the dynamic response and corresponding numerical anal-
ysismethods of typical offshorewind turbine foundations under environmental
loads such as wind, waves, and earthquakes. This section outlines the research
aims and contents of the book.

(2) In Chap. 2, a simple single bounding surface constitutive model is developed
to predict the undrained behavior of saturated clays under cyclic loads. This
new model avoids complex kinematic hardening rules and requires memo-
rization of significant stress reversal events, making simplicity its primary
advantage. An innovative interpolation function for the elastoplastic shear
modulus is proposed based on bounding surface theories. The evolution of
the hardening modulus is described in the deviatoric stress space through
movement and updating of a mapping center using the new interpolation func-
tion, enabling the model to depict stress–strain hysteretic responses of clays
under cyclic loading. This model represents an advancement over classical
one-dimensional soil dynamicmodels, extending into three-dimensional stress
space. Model parameters are typically determined through triaxial tests. The
developed model effectively captures essential behaviors of saturated clay,
including reverse plastic flow, evolution of hysteretic loops, accumulation
of plastic deformations, and degradation of soil stiffness. Furthermore, the
newly developed constitutive model has been successfully implemented into
the ABAQUS software package through the secondary development interface
of UMAT.
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(3) In Chap. 3, a novel cyclic p-y elastoplastic model is developed within the
framework of single-surface bounding surface theory. This model effectively
captures soil stiffness degradation under cyclic loading by integrating cumu-
lative plastic displacement into an interpolation function of the elastoplastic
resistance coefficient. The model is relatively simple with only four param-
eters that can be determined from standard soil properties and stress–strain
responses measured in cyclic direct simple shear tests (DSS). The model is
implemented numerically using the BNWF method, and its performance is
validated by accurately predicting the cyclic lateral response of piles installed
in soft clay, as observed in field and centrifuge tests documented in the litera-
ture. Themodel reliably simulates bothmonotonic and cyclic responses of piles
under various lateral loading patterns, accurately capturing key characteristics
of the pile head load–displacement curve, including nonlinearity, hysteresis,
displacement accumulation, and stiffness degradation. Additionally, it predicts
the evolution of lateral deflection and sectional bending moment along the pile
during cyclic loading. In terms of computational efficiency, it outperforms 3D
finite element methods based on advanced dynamic constitutive models.

(4) In Chap. 4, a three-dimensional finite element method is developed to analyze
the lateral cyclic responses of large-diameter monopiles, employing a simpli-
fied bounding surface constitutive model for clays. The method’s validity is
confirmed through simulation against an existing centrifugal model test. It
accurately predicts the nonlinear hysteresis responses of monopiles in clay
subjected to cyclic loading, including the evolution of bending moment and
lateral deflection profiles throughout loading cycles. Various lateral cyclic
loads are applied to monopiles, encompassing different loading patterns such
as one-way and two-way loading, symmetric and asymmetric loading, and
variable-amplitude and constant-amplitude loading. The study systematically
investigates the influence of these diverse cyclic loading patterns on the lateral
responses of large-diameter monopiles.

(5) In Chap. 5, a numerical method was developed to simulate the dynamic inter-
action of soil-pile-structure systems using an elastoplastic bounding surface
constitutive model capable of accurately capturing cyclic degradation in clay
stiffness. The method’s effectiveness was validated through comparison with
existing literature simulation results. The dynamic responses of Monopile
OffshoreWind Turbines (MOWTs) to seismic and environmental loadingwere
then simulated using this numerical approach. The study investigated how soil
plasticity and stiffness degradation affect the dynamic responses of MOWTs,
as well as analyzing the influence of environmental loads on their seismic
responses. The findings indicated significant rotations and settlements in the
monopile, with soil plasticity and stiffness degradation notably increasing peak
responses in lateral deflection, rotation angle, and bending moment under
combined seismic and environmental loads. The input bedrock peak accel-
erations were amplified to varying degrees from the monopile base to the
tower top, with the most significant amplification occurring along the height
when considering soil stiffness degradation. Moreover, environmental loads
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such as winds and waves substantially increased the absolute values of seismic
response metrics, including deflection, rotation angle, bending moment, and
acceleration amplification factors.

(6) In Chap. 6, the response of tripod pile foundations for offshore wind turbines
in clay under monotonic, cyclic, and seismic loads is thoroughly investigated
using three-dimensional finite element analysis. The study reveals that the
direction of loading significantly influences the ultimate bearing capacity of
the tripod pile foundation, where the capacity depends on whether Pile A is
in tension and Pile B is in compression, or vice versa. The evolution of axial
force, bending moment, and lateral displacement profiles of Pile A and Pile B
shows distinct characteristicswith increasing cycles under both lateral one-way
and two-way cyclic loading conditions. Under seismic loads, the foundation
accumulates rotation toward the Pile A side due to its lower vertical bearing
capacity compared to Pile B. At the tower top, maximum lateral displacement
and rotation angles are observed, while the maximum bending moment occurs
at the top of the tripod support. These findings provide valuable insights into the
dynamic behavior of tripod pile-supported OWTs subjected to various loading
conditions in offshore environments.

(7) In Chap. 7, a simplified kinematic hardening model from the ABAQUS library
was utilized to effectively capture the undrained dynamic nonlinear behavior
of clays. The methodology for determining model parameters was introduced,
and its predictive capability was validated through simulations of cyclic simple
shear tests. Subsequently, a three-dimensional finite element model was devel-
oped, incorporating appropriate boundary and contact conditions, to analyze
the seismic responses of a single suction bucket foundation in clays using the
aforementioned soil model. The finite element analysis uncovered the rota-
tional bearing mechanism of the suction bucket foundation. Various factors
influencing the seismic responses of the suction bucket were investigated,
including soil strength, seismic intensity, seismic frequency, and bucket geom-
etry. It was observed that significant accumulated rotation occurs in the suction
bucket during seismic events. Increasing the length or diameter of the bucket
was found to effectively reduce the final rotation angle, although it did not
significantly impact settlement. These findings contribute valuable insights
into optimizing suction bucket foundation design to enhance its performance
under seismic loading conditions.

(8) In Chap. 8, a three-dimensional numerical method is developed to analyze the
lateral cyclic response of tripod suction bucket foundations. The numerical
model’s accuracy is confirmed through validation against results from scaled
model tests documented in the literature. Subsequently, the rotational mecha-
nism of tripod suction buckets under lateral monotonic and cyclic loading is
thoroughly investigated. The model employs both ‘bonded contact’ and ‘sepa-
rable contact’ conditions between the soil plug and the inner wall to simulate
scenarios representing the upper and lower limits of the suction bucket’s tensile
capacity. This approach allows for comprehensive exploration of the influences
of bucket-soil contact conditions, loading direction, and cyclic loading modes
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(one-way and two-way) on cyclic behavior. The analysis reveals that these
factors significantly affect the cyclic responses, permanent rotation angles,
and failuremechanisms of tripod bucket foundations. These findings contribute
valuable insights into optimizing the design and performance of tripod suction
bucket foundations subjected to lateral cyclic loading conditions.

(9) In Chap. 9, the dynamic behavior of tripod bucket foundations installed in clay
is investigated using advanced three-dimensional nonlinear finite element anal-
ysis. The analysis focuses on understanding the rotational mechanisms under
various loading conditions, including environmental loads, seismic loads, or
their combined effects. Dynamic responses are evaluated considering ground
motions of varying intensity and frequency contents, as well as environ-
mental loads of varying magnitudes. It was observed that while the offshore
wind turbine system may not experience instability failures due to combined
seismic and environmental loads, it may fail to meet serviceability limit state
(SLS) requirements due to significant permanent rotations induced by differ-
ential settlement between the leeward bucket and the windward bucket. The
study highlights the significant influence of ground motion frequency content
on the dynamic response of tripod foundations. Larger permanent rotations
were noted when the seismic predominant frequencies aligned closely with
frequency ranges such as 1p and 3p of the wind turbine structure. The rotation
angles of the wind turbine structure were found to depend on both the predom-
inant frequency and intensity of the ground motion. These findings under-
score the critical role of dynamic analysis in optimizing tripod bucket foun-
dation designs to ensure structural integrity and performance under varying
environmental conditions.

(10) In this chapter, the entirety of the book’s chapters is succinctly summarized,
encapsulating their key findings and contributions. Additionally, the chapter
presents an outlook on future research directions and potential avenues for
further exploration in the field.

10.2 Prospect

Based on the research work presented in this book, future work can be carried out:

(1) It should be noted that in the research presented in this book, the dynamic
behavior of soft clay was described using a total stress-based bounding surface
constitutive model. The clay was assumed to be undrained during the numer-
ical calculations. While this assumption is reasonable for short-term dynamic
loads such as earthquakes, it may lead to conservative results for long-term
cyclic loads from wind and waves. The influence of soil pore pressure on
foundation-soil dynamic interactionwas therefore not adequately accounted for.
Future research could benefit from employing effective stress-based constitutive
models to address these limitations more comprehensively.
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(2) The authors have developed a cyclic elastoplastic p-y model for lateral loaded
piles in soft clay. However, in the case of wind turbine foundations withmultiple
piles (such as tripods or jackets), the loads from the offshore wind turbine
and its support structure are primarily transmitted axially through the braces
to the pile foundation. In such scenarios, the t-z and Q-z curves become more
significant compared to the p-y curve. Therefore, future research should focus on
developing cyclic t-z and Q-z models to more accurately simulate the dynamic
response of multi-pile foundations. Additionally, there is a need to develop
user-defined spring elements corresponding to the p-y, t-z, and Q-z models to
enhance integration with commercial software like ABAQUS. This approach
would enable the finite element method to effectively solve complex boundary
problems associated with multi-pile foundation systems for wind turbines.

(3) The authors primarily elucidated the dynamic response laws and disaster mech-
anisms of offshore wind turbine foundations through refined three-dimensional
numerical simulations. As an essential complement, it is recommended to
conduct relevant model tests, such as scaled and centrifugal model tests
simulating offshore foundations under cyclic and seismic loads. Integrating
numerical simulations with model experiments would enhance the accuracy
of assessing the dynamic bearing characteristics of wind turbine foundations.
This combined approach ensures a more robust validation of theoretical models
and provides valuable insights for optimizing foundation designs in offshore
environments.

(4) The research in this book predominantly addresses foundations on soft clay;
however, wind turbine foundations often rest on sandy soil, presenting distinct
challenges in dynamic response to wind, waves, and earthquakes, notably due
to potential liquefaction. Compared to soft clay, the dynamic behavior of wind
turbine foundations in sandy soils is more complex, especially under condi-
tions where liquefaction may occur. Simulating the constitutive behavior of
sand undergoing liquefaction poses a significant challenge in three-dimensional
finite element analysis. Therefore, there remains considerable research to be
conducted on the dynamic response laws and disaster mechanisms of offshore
wind turbine foundations situated on liquefiable soils.
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